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Abstract

Since the introduction of the first offshore wind farm in 1991, the demand for offshore renewable wind energy
has experienced exponential growth all around the world. To supply this demand, the power rating and corre-
sponding dimensions of offshore wind turbines have grown significantly. Due to the ever-shrinking availabil-
ity of easily accessible shallow water sites and the abundance of high quality wind resources in deeper water,
the industry is stimulated to come up with innovative, yet cost effective, solutions to tap into these deep water
sites. Historically, the use of monopile foundations has been an important facilitator of cost reduction due to
its relative ease of manufacturability, transportability and installability. Monopile foundations have, however,
thus far only been used in relatively shallow water depths. With jacket-type and floating support structures
remaining relatively costly, the question arises if the monopile could yet be scaled up further to be used in
water depths beyond the current 40-60 m for future, 10+ MW wind turbines.

The goal of this research is to investigate the technical feasibility of monopile foundations in the water
depth ’gap’ of 60 to 120 meters, which is currently claimed by jackets, for large wind turbines and determine
critical design parameters for up-scaling monopiles to these depths. With an eye on future developments a 15
MW reference turbine is adopted and to make the research widely applicable the Hywind Scotland site in the
Northern North Sea is selected, a well-documented reference site with a very severe wind and wave climate.

To define monopile designs, a parametric (static) monopile geometry optimization tool is developed in
Excel, which transfers the environmental data to forcing components. The monopile geometry is optimized
for first natural frequency and ULS resistance (yield and global buckling) by varying the outer diameter and
wall thickness along the structure. It was found that the ULS check is governed by the inertial wave forcing
during survival case (50 year return period storm conditions). As the acting wave frequency is way lower than
the system natural frequency, the monopile can be adequately assessed using a static approach. To assess the
effect of critical variables, the tool is used to define monopile geometries for water depths ranging between
60 and 120 m, target first natural frequencies of 0.15, 0.17 and 0.20 Hz and a range of soil types, while comply-
ing with known manufacturing limits. The results show that all designs are within manufacturing limits and
resistance against ULS decreases for lower target frequencies, making 0.15 Hz monopiles unfeasible.

In contrast to the ultimate limit failures, the fatigue damage is largely incurred from normal rather than
ultimate wave states, which embrace the first natural frequency of the system, thus warranting a full dynamic
analysis. In order to assess the fatigue resistance of 0.17 and 0.20 Hz monopiles, which pass the ULS check, an
analytical full dynamic model is developed in Maple based on the fundamental equations of motion, includ-
ing (added) mass, aerodynamic damping and soil/structural stiffness. The model is verified and validated
against numerical modelling using ANSYS Finite Element Analysis software and found to be in very good
agreement. The Maple model is then used to test the fatigue performance. It is found that the fatigue dam-
age accumulated over the 25-year design lifetime is governed by the bending stress cycles induced by inertial
wave forces. The model is used to generate a transfer function between this wave forcing and the resulting
bending stress over the entire range of present wave frequencies. The transfer functions are used to trans-
fer the wave scatter diagram to accumulated fatigue damage against a B2, C1 and D graded S-N curve. The
analysis results show increasing fatigue damage for decreasing first natural frequency due to the increasing
slenderness and more prominent interference with present wave frequencies, which causes th 0.15 and 0.17
Hz monopiles to fail on fatigue damage. Given the very demanding site conditions assumed in this research,
more slender monopiles may be feasible in deep waters with a milder wave climate.

Over all, the results show no fundamental technical limitations for a monopile supported 15 MW wind
turbine in water depths of up to 120 meters, provided that the stiffness of the structure is sufficiently high.
Since steel usage increases for increasing stiffness, technically feasible monopiles will need to be relatively
heavy, thus costly. Therefore, a range of strategies to reduce steel weight have been quantitatively assessed.
It is found that the amount of steel can be reduced up to 35% by adopting higher-grade steel types and im-
proved weld quality. Based on the fundamental limiting factors for monopiles found, also a novel hybrid
floating-fixed bottom concept is proposed aiming at steel weight reduction. Although the concept can be
considered promising, it does add complexity to the system and unfortunately does not (yet) result in steel
reduction.
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1
Introduction

1.1. Current Industry Status and Future Outlook
Since the introduction of the first offshore wind farm, Vindeby, in October 1991, the offshore wind indus-
try has experienced exponential growth. With the global energy transition and the high population density
in coastal areas, the demand for offshore wind energy is continuously increasing. The global wind market
surged nearly 30% per year between 2010 and 2018, benefiting from major technology improvements. Re-
cently, new countries have taken strides forward on offshore wind. China, for example, added 3 GW of off-
shore wind capacity in 2020, the most of any country and half of the new global offshore wind capacity in this
year [36]. Study shows that the potential of untapped offshore wind is theoretically able to supply more than
the total amount of electricity consumed worldwide today [46]. The ongoing innovation results in significant
cost reductions in the offshore wind industry, which clears the path to become globally competitive with fos-
sil fuels and other sources of (renewable) energy within the next decade [46].

The average turbine power rating in the offshore wind industry increased from 3 MW in 2010 to 5.5 MW
for projects completed in 2018 [48]. In the same period, annual capacity factors1 for offshore wind projects
increased from 38% to 43%. Future turbines are expected to reach capacity factors well over 50% excluding
wake losses2. The increasing capacity factors are partly due to the technical innovation of the turbine system
itself, but also importantly by making use of sea acreage with better quality wind resource. These areas are
generally located further out at sea and have larger water depths. Technical potential is often divided between
shallow water (i.e. < 60m) and deep water (i.e. 60 - 2,000 m) sites. Historically speaking, the shallow water
sites are suitable for established fixed-bottom foundations and are relatively easy to access, while the deep
water sites require new innovative solutions to be tapped into. The theoretical potential of the shallow water
sites is 87,000 TWh per year, which is twice the global electricity demand in 2040 under the Stated Policies
Scenario [46]. Whereas deep water sites have a theoretical potential of 330,000 TWh per year, which is eleven
times the global electricity demand in 2040 [46].

Although offshore wind has the theoretical potential to meet the increasing renewable energy demands,
not all sites are accessible with current state-of-the-art techniques. This limits the total amount of feasible
locations. The exploitation of deeper water locations is currently costly, making it difficult to make projects in
these sites financially attractive. A major contributor to cost reduction of offshore wind (and herewith making
offshore wind energy competitive with other energy sources) is the monopile foundation. This simple foun-
dation type consists of a steel pipe which is driven into the seabed. The turbine is hereafter attached to the
monopile using a transition piece. Due to its relative ease of manufacturability, transportability and instal-
lability it serves as a very efficient, reliable and most of all cheap base for offshore wind turbines. However,
the significant water depths of the mentioned deep water locations make the use of monopiles difficult, if not
impossible. With the ongoing cost reductions in offshore wind and increasing number of offshore projects
not requiring subsidies in shallower waters [17], developments are required to bring down costs in order to

1Capacity factor describes the average output over the year with respect to the maximum rated power capacity.
2Wake loss refers to the effect on the space behind a turbine that is marked by decreased wind speed on a downstream wind turbine due

to the fact that the turbine itself used the energy in turning the blades.
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open up the potential of the deeper waters. Innovation in various aspects of the wind industry is gaining mo-
mentum to achieve this goal. With the increasing size (meaning both wattage and rotor size) of new turbines,
fewer units are required to produce an equal amount of energy. Hence, the number of moving components
and (to a lesser, but still significant extent) the lengths of offshore inter-array cabling decrease and the cap-
ital expenditure shifts to the support structures. In short: in order to meet future energy demand, better
and cheaper support structure solutions are required to facilitate cost-efficient installation of state-of-the-art
wind turbines in deeper waters.

Figure 1.1 shows indicative shares of capital costs per component for offshore wind projects completed
in 2018 [46]. As the capital expense of the turbine itself depends on the turbine type rather than the water
depth, the absolute costs of this share is independent of the water depth of the project location. Hence, when
pushing conventionally monopile supported wind turbines in to deeper water, the relative capital cost share
of the foundation increases significantly [59]. Det Norske Veritas (DNV) indicated that the biggest cost saving
opportunities lay within the optimization of support structures [7]. This confirms the benefits of innovative
(cheaper) foundation solutions for deeper waters in the overall capital expenditures.

Figure 1.1: Indicative shares of capital cost by component [46]

1.2. Scale of (Future) Wind Turbines
To meet the increasing demand of renewable offshore wind energy, the power rating of wind turbines is
pushed to higher levels. The turbine with the highest power rating to be used in a wind farm in the cur-
rent pipeline is GE’s Haliade-X at the Dogger Bank wind farm [26]. The original prototype was designed for
a power rating of 12 MW, but was optimized to operate at 13 MW output. Electrical engineer groups and
chip-makers are even working on extending the capacity to 14 MW output using the same rotor blades [35].
The Haliade-X is equipped with a 220 meter diameter rotor at a total height of 248 meter. Wind turbines with
power ratings and rotor diameters exceeding that of the Haliade-X are already in development by several
manufacturers. Siemens Gamesa recently presented their largest turbine called SG 14-222 DD [74]. This 222
meter rotor diameter turbine has a starting output of 14 MW with the future aim of reaching 15 MW. The final
company in the wind turbine ’G3’ is Vestas. Vestas presented the world’s largest turbine (V236-15MW) in the
beginning of 2021 which has a starting output rating of 15 MW with a rotor diameter of 236 meters [62]. Serial
production of this turbine is expected to start in 2024 and a prototype is in the pipeline for 2022.

Even though larger rotor blades typically come with higher power ratings per turbine, the increasing size
of the blades also comes with several drawbacks, examples being transportability and the increasing flexibil-
ity of the blades causing larger blade tip deflections, which makes keeping the required clearance between
the tower and the blades challenging [47]. It is yet uncertain whether the offshore wind industry will keep
scaling up the power ratings of the turbines with their corresponding rotor diameters. Increasing the wattage
of the used wind turbines is a trade-off between the number of required units and the increasing cost of the
individual wind turbines. However, current market developments indicate that the offshore wind turbine
sizes are not yet stabilizing, and further up-scaling up to possibly 20 MW can be expected until 2030.
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1.3. Wind Energy Potential in Deep Water
Currently Europe is the pioneer in developing solutions to ever deeper water projects and is expected to ac-
count for nearly 40 % of the global offshore wind market by 2040 [46]. This makes European waters (especially
the North Sea) the most-likely location to deploy the first full scale wind farms in deeper waters. Figure 1.2
shows the water depths of European waters. It shows that the conquest of intermediate water depths (30-60
meters) yields a considerable addition of offshore area. However, significant extra offshore area is available
with 60-100 m water depth or more.

The overall performance of a wind farm depends strongly on the quality of the wind resource. Figure 1.3
shows the wind resources in European waters (the explanation of the color scheme is given in Figure 1.4). If
this map is placed over the water depths map in the same area shown in Figure 1.2 it indicates that a lot of
high wind resource sea acreage is located in waters deeper than 60 meters. This means that, generally speak-
ing, the potential output with the same wind turbine will be higher in deeper, yet untapped, waters.

Figure 1.2: Water depths of European waters [30]

Figure 1.3: Wind resources in European waters [88], see Figure 1.4 for color scheme
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A simplified estimation of the potential power output can be done following Equation 1.1 [53].

power per unit area = power per wind turbine

land area per wind turbine
=

1
2ρai r u3

hub
π
8 D2

r otor

(10Dr otor )2 =
1
2ρai r u3

hub
π
8

100
(1.1)

Figure 1.4 shows the full potential power per unit area (excluding the capacity factor) for a 15 MW wind
turbine and increasing average wind speeds, extrapolated to hub height. A spacing between the wind turbine
of 10 times the rotor diameter is assumed to minimize wake losses [46]. The figure shows a non-linear trend,
indicating that an increase in average wind speed at hub height results in notable extra power output potential
following a cubic law. The colors correspond to the map given in Figure 1.3.

Figure 1.4: Potential power per unit area for different wind speeds

The inability to place wind farms in deeper waters is likely to constrain future growth of the offshore wind
industry, by limiting the geographical reach and thus the potential scale of deployment [55]. Taking Scotland
as an example, over 70% of its estimated offshore wind potential is located in waters deeper than 60 meters
[68]. Therefore, research is done into methods to unlock the deep water areas. These developments include
floating wind turbines, alternative bottom-fixed support concepts but also extending the limits of established
foundation types like monopiles [86]. Jacket-like support structure types, which are proven technologies but
previously rejected due to the high costs, are also reassessed for financial viability [7, 40].

1.4. Pushing the Boundaries of the Monopile
The design drivers for pushing conventional monopiles into future larger water depths include 15+ MW rated
wind turbines with rotor diameters of up to 240 meters and hub heights of 150 meters above the platform
[34]. The larger swept area in combination with the harsh conditions on open sea cause a significant increase
of forcing. The deeper waters will result in a growing arm between the forcing and foundation, causing the
overturning moments to increase. To withstand the loading, larger monopile diameters and wall thicknesses
are required, resulting in larger loading surfaces for wave and current forcing. These factors drive the pos-
sibilities with the current state-of-the-art production and installation capacity to their limits [28]. Conven-
tional connection techniques such as, bolted flange and grouted connection are also reaching their technical
boundaries as the maximum available bolt size (M72) is already adopted in offshore wind projects and first
projects using un-certified M80 bolts starting production soon [51, 60]. Innovative solutions such as the slip
joint connection [27] are already proven in offshore conditions and new techniques such as the C1 Wedge
connection [16] are being developed to overcome this limitation.

The monopile is and has been the industry’s favorite support structure type due to its simplicity, ease of
installation and most importantly, economics. Even though the application of the monopile was deemed
not financially feasible beyond 25 meters water depths, monopile supported turbines have been installed up
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to 40 meters deep. Production yards and installation contractors are responding to the developments and
are investing in larger production equipment and fleets with higher lifting capacity to make the application
of monopiles in intermediate water depths (40-60 meters) for 13-14 MW wind turbines possible. Although
these technical developments provide a great range of extra potential area to tap into, these areas are heavily
crowded by other industries and sites with higher potential are located in even deeper waters. Due to the eco-
nomics and relative simplicity of the monopile the offshore wind industry is eager to expand the possibilities
of the monopile to unlock these sites, without the needs of costly jacket or floating structures [46].

With a quickly emerging market such as the offshore wind industry, it is important to think ahead of the
current state of the art. Various researches into the developments of wind turbines up to 20 megawatt have
been conducted and floating wind pilots have been installed in water depths up to 220 meters. Figure 1.5
shows capital costs of offshore wind projects commissioned in mid-2020s.

Figure 1.5: Capital costs of offshore wind projects commissioned in mid-2020s [46]

It shows that floating wind capital costs are approximately twice as high as those of fixed-bottom founda-
tions. As floating foundations are still in an early stage of demonstration, there is still significant potential for
future cost reduction. Since the capital expense of floating wind turbines (mooring excluded) is practically
independent of water depths, their financial benefit over bottom-fixed foundations will become increasingly
evident with growing water depths. However, mooring of floating turbines in water depths below 100 meter
is a challenging task and can be very expensive [89]. Additionally, SPAR-type floating turbines, which provide
most stable and cost-effective floating foundations, require a minimum water depth of around 75 meters to
be technically feasible for relative small turbines due to their large draft [66]. With increasing turbine size, the
required water depth is expected to increase significantly. For example, the water depth for a 15 MW turbine
should, ideally, be larger than 150 m. Semi-submersible and TLP types of floaters can be used for shallower
water, but they will require more steel and are very difficult to moor, making them less cost-effective than
SPARs for now.

Besides floating concepts, established bottom-fixed structures are also being readopted to deploy wind
turbines in deeper water areas. The jacket is widely perceived as the current best option "beyond monopiles".
Their commercial use for offshore wind turbines started in 2006 with the Beatrice project [70], but jackets are
still used in present time. For the East Anglia ONE wind farm, 102 three-legged jacket structures holding 7
MW wind turbines were deployed 43 km off the Suffolk coast in the UK in 2020. This was the sole project
starting up in 2020 using jacket technology and yet the world’s largest ever in number of turbines with such
foundation. The 300 km2 sea acreage has an average water depth of 45 meters with a maximum depth of ap-
proximately 53 meters. Another example, the 950 MW Moray East offshore wind farm, is scheduled to operate
with one hundred 9.5 MW wind turbines supported by four-legged jacket structures in water depths up to 57
meters. The wind farm is expected to be fully operational in 2022. Due to the amount of required labor the
use of jacket support structures has generally been more expensive than monopile foundations. Additionally,
installation of jackets typically take more time since 3 or 4 pin piles need to be be hammered into the seabed
prior to placing the jacket, whereas the monopile requires only a single lift, grip and hammer operation [85].
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This shows that there is a gap of water depths in the range of 60 to 120 meters, that for now are claimed
by relatively expensive jacket support structures. The areas with these water depths have great potential,
not only in Europe, but also in North America and South East Asia [46]. The design of a novel technique to
overcome these water depth in a financially attractive manner has great potential to unlock vast amounts of
untapped wind resources.

1.5. Current Deeper Water Techniques
As stated, the demand for better deep water support structure solutions haven’t gone unnoticed. This section
will assess some of the projects deployed in deeper waters to complete the image of the current status of deep
water offshore wind energy. Keeping in mind the rapid developments in the offshore wind industry, only
projects including turbines with a power rating of 7 MW or higher are considered in this section. There is a
vast number of floating wind support structure concept under development, which are not all on same level
of technical readiness. This section will only discuss floating concepts that are either deployed in full-scale or
are planned to be so before the end of 2022.

The first full-scale offshore floating wind farm was the Hywind Scotland project, which consists of five 6
MW turbines supported on SPAR type structures as shown in Figure 1.6. The original pilot of 2.3 MW was
scaled to 6 MW and is expected to be deployed using 8 MW turbines in 2022 [29]. This 88 MW project is
dubbed ’Hywind Tampen’ and is located on the west coast of Norway with water depths up to 300 meters.
The SPAR-type floater is a concept adopted from the oil and gas industry. It consists of a steel and a con-
crete cylinder moored to the seabed filled with a ballast of water and gravel to ensure that the wind turbine
stays upright in offshore conditions [6]. Due to its large draft, it requires significant water depths not only
for deployment but also for construction. Therefore, the assembly of foundation and turbine for the Tampen
project had to be conducted in the deep fjords on the Norwegian coast. This deep water requirement is the
case for all SPAR-type projects.

Figure 1.6: Render of Hywind Schotland [29]

Another widely proven floating support structure is the semi submersible-type floater, also adopted from
the oil and gas industry. It comprises a few large column cylinders connected to each other by tubular mem-
bers. The wind turbine will either sit on one of the cylinders or may be positioned at the geometric center of
the columns and is supported by lateral bracing members. The floatation stability is provided by the water-
plane area of the columns [6]. The first floating wind farm in continental Europe called ’WindFloat Atlantic’
was installed in front of the coast Portugal in waters with a depth 100 meters. It consists of three 8.4 MW tur-
bines mounted on semi submersible foundation [10]. A project called Golfe du Lion Wind Farm is planned to
be fully operational by 2022. Here, the semi-submersible structures will hold 10 MW wind turbines [31].



1.6. Research Objective and Questions 7

1.6. Research Objective and Questions
As stated, the mooring of floating foundations in water depths below 100 meters is very challenging. This
drives up the already relatively high costs of these foundation types. The remaining established foundation
types used in intermediate water depths are jacket-like and monopile structures. Jacket-like structures have
already proven their technical feasibility in deep waters. However, due to the amount of manual labor dur-
ing production and longer installation time, the relative costs are high. Monopile foundations have thus far
never been used in deep waters and have therefore not proven their technical feasibility, despite being the
industry’s current favorite. The main objective of this research reads:

"Investigate the technical feasibility of monopile foundations in water depths of 60 to 120 meters for large
wind turbines and determine the critical design parameters for further upscaling."

This objective is reached by answering the following research questions:

1. What are the weights and operational characteristics of future wind turbines?

2. What are the current and foreseen limitations for manufacturing and installation?

3. What are the fundamental changes for monopile support structure design when entering deeper wa-
ters?

4. What are the critical design parameters for support structures?

5. Is the use of monopile foundations technically feasible for the target water depths?

6. Given the answers to research questions 3,4 and 5, what would an alternative monopile-concept look
like that could go beyond the fundamental limitations while maintaining (most) of the benefits of the
monopile?

1.7. Methodology and Thesis Outline
In order to reach the final goal of finding a working solution for the transition depths between established
bottom-fixed and floating methods, several steps need to be taken. The thesis will be subdivided into two
parts. The results of part one will provide the base input for part two. The general outline of the thesis is listed
below and the location of the answers to the research questions (RQ) are indicated by number:

Part 1: Technical Feasibility of Monopile Foundations in Deep Water

1. Introduction to the current industry status and outlook. The motivation of pushing wind turbines to
deeper waters is discussed and current boundaries of deep water foundation techniques are stated.
Also, a literature overview is provided on the current knowledge on offshore support structure engi-
neering, monopile design and anticipated limitations to the monopile (RQ 1).

2. The establishment of the design basis. The used environmental data of the reference location is ex-
plained and transferred to forcing components. This is done for two design load cases. A parametric
model is established that takes environmental data and general turbine data as input and returns an
optimized monopile geometry based on loading and natural frequency criteria. In order to investigate
the effect of increasing water depth, the substructure is optimized for 4 different water depths: 60, 80,
100 and 120 meters (RQ 2).

3. Analysis model testing for ultimate limit states (ULS) and fatigue limit states (FLS). For these analyses a
static and dynamic model are established respectively. The details of the models and the validation and
verification through Finite Element Analysis (FEA) software are discussed and results and conclusions
are presented (RQ 3).

4. Monopile geometry optimization. The results of the monopile geometry optimization process are dis-
cussed and conclusions are drawn. These conclusions serve as the base of the proposed alternative
strategies as will be discussed in Part 2. As no strict technical limitations were found from the analysis,
the solutions will focus on steel usage reduction. The solutions are an interplay between passing the
ULS and FLS, depending on the selected stiffness of the system (RQ 4, 5).
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Part 2: Alternative Solutions on Increasing the Feasibility of Usage

1. The critical parameters for extending the use of monopile based foundations are assessed and solutions
are proposed. Previous attempts found in literature on mitigating these limitations and their results are
presented.

2. Based on the findings of Part 1 and the critical parameters, additional model runs are performed to
assess the effect of damping, higher quality welds and higher grade steel type usage. The results are
used to establish what foreseeable limits there are to the monopile in deep waters.

3. Given the foreseeable limitations and considering the limiting factors, a novel concept combining the
knowledge of floating and bottom-fixed foundations will be introduced and high level results in the
feasibility of this concept will be presented (RQ 6).

1.8. Assumptions and Delineations
In order to narrow down the broad range of variables to focus on the thesis problem, some assumptions and
delineations must be made. As the input parameters can vary strongly per locations or turbine type, a refer-
ence location and turbine must be selected. Also, as the Thesis covers a broad range of research fields, a set
of different softwares is required. The selected references and substantiation for the selection are explained
in detail below.

1.8.1. Reference Wind Turbine
The ever larger turbines come with problems such as keeping the required blade tip clearance between the
rotor and the tower, transportability and installability [47]. With the aim of designing a support structure that
will hold for the far future, a suitable wind turbine should be adopted as model input. To account for future
developments, while not overestimating the size of upcoming turbines, the International Energy Agency (IEA)
15 MW turbine is adopted for this analysis [34]. This reference turbine is well-documented in a reference
document specially tailored for researches such as the present study. As the IEA reference data doesn’t provide
information on the nacelle dimensions, the dimensions of the Haliade-X nacelle are adopted [64]. The general
key figures for this reference wind turbine are given in Table 1.1.

Table 1.1: Key Parameters for the IEA Wind 15-MW Turbine [46][64]

Parameter Value Unit
Cut-in wind speed 3 m/s
Rated wind speed 10.59 m/s
Cut-out wind speed 25 m/s
Design tip-speed ratio 90 -
Minimum rotor speed 5.0 rpm
Maximum rotor speed 7.66 rpm
Maximum tip speed 95 m/s

Rotor diameter 240 m
Hub height 150 m

Nacelle width 10.0 m
Nacelle length 12.0 m
Nacelle height 10.4 m

Rotor nacelle assembly mass 1,017 t
Tower mass 860 t
Tower Length 133.3 m
Tower Basediameter 10.0 m



1.8. Assumptions and Delineations 9

1.8.2. Site Selection
To assess the performance of the support structure in open sea, a reference site selection is required. The
main selection criteria were for the site to have water depths up to 120 meters, harsh environmental condi-
tions and for it to be well-documented. Firstly, because deep water sites with high quality wind resources
generally come with harsh conditions. Secondly, if the structure will function in these conditions, it will per-
severe most locations in the world making the research widely applicable. Finally, a well-documented site
reduces the number of unknown factors and assumptions making it a more credible reference.

The North Sea is well known for having one of the harshest environmental conditions on the globe with
extreme wave heights and wind speeds [3]. Hence, for this study the Hywind Scotland wind farm [54], located
in this sea, is selected as reference site. The power site is centred at 57.45º N, 01.31º W at Buchan Deep on the
east coast of Scotland, shown in Figure 1.7. Offshore wind projects in water depths of 60 to 120 meters are
relatively new to the industry, so the extensive exploration conducted for this pioneering project provides a
unique base for this research. The variety in water depth (95-129 m) fulfills the first requirement as it covers
the upper limits of the target depths.

The deployment of the Hywind SPAR foundations required proper evaluation of the soil conditions at the
proposed turbine deployment area in order to ensure integrity of the mooring system. This soil analysis is also
of great importance to bottom-fixed support structure design, such as monopiles and jackets. The observa-
tion of geological lithologies in boreholes and CPTU results at the reference site showed soil types ranging
from sand with gravel to gravelly clay [76]. As soil reaction is highly non-linear, locality dependent and time
dependent modelling a general soil model that will hold for all monopiles is impossible. Therefore in this
thesis a set of assumptions is made and a range of soil types will be assessed to investigate the sensitivity of
the design to this parameter.

Figure 1.7: Map showing position of Hywind site at Buchan Deep
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1.8.3. Tool Selection
Throughout this thesis many analysis tools are developed within a variety or combination of software. The
reason behind the selection of each specific software is a combination of availability, applicability and the
student’s previously gained experiences during his course work. A short reasoning behind the selection of
each used software is given below.

Excel

Microsoft’s Excel with added macros is used to establish the main monopile optimization framework. This
software was selected as the amount of input parameters is very large and one can quickly lose overview. The
different tabs help organizing the input and output per subject and combine them where required. Since it
is very difficult if not impossible to include dynamic effect into the static Excel framework, it is important to
validate the usability of the Excel model for each step of the thesis using appropriate software and expand the
results where required.

Maple

Maple is a symbolic and numeric computing environment which is used to analytically introduce dynam-
ics into the system. The student’s previous experience with the software in courses that connect to the thesis
work, the structured overview of the calculation process and the readily available license makes this the pre-
ferred choice for analytical derivations and numerical computations. Additionally, the software allows for
animated plotting, which accelerates the comprehension of the dynamics.

Ansys (Mechanical/AQWA)

Ansys Mechanical offers a dynamic FEA environment which is used to validate and verify the analytically
established Maple models. There are multiple similar softwares available such as Comsol, OpenFAST and
Orcaflex. However, previous software experience and the availability of an academic license were decisive in
the selection.

As the presented novel hybrid concept was based on a reference floating foundation, topics such as
mooring-, diffraction and radiaton analysis become important. The AQWA suite, developed for naval ar-
chitects, is a software package that allows one to analyse these complex movements and the resulting forces
can be exported to the Mechanical suite.



2
Design Basis

In order to assess the performance of new foundation techniques, a base case of conventional and proven
concepts needs to be defined as the reference, including monopile and jacket foundations. Jackets have
proven their technical feasibility in water depths of 60 to 120 meters [55]. However, monopile foundations
have thus far not been deployed in areas with these depths. This section presents high-level results of push-
ing the conventional monopile in water depths of 60 to 120 meters. It provides insight into how the order of
magnitude of forcing, weight and dimensions change for increasing water depths. In the following subsec-
tions, the different components of the model are assessed and required assumptions are stated.

2.1. Environmental Data
The optimization process is conducted to ensure structural integrity during power production and parked
conditions (more extensive elaboration on the load cases is given in Section 2.3). In reality the extreme waves
will show non-linear behavior due to a variety of interactions [44]. However, an in-depth analysis of the effect
of non-linear wave interaction is considered beyond the scope of this research and the effects are accounted
for by the wave crest over maximum wave height ratio. The power production load case is assessed under
’rated’1 conditions and the parked case under 50 year return period storm conditions [25]. A summary of
both data sets is given in Table 2.1 and the data selection of critical parameters is assessed in the following
subsections. A scatter diagram for waves for this site is used for fatigue damage assessment in Chapter 5.

Table 2.1: Environmental data based on Buchan Deep

Rated 50-Year Return Unit
Water level Deviation 2.10 3.20 m
Significant wave height 1.77 10.90 m
Max wave height 3.29 19.70 m
Crest / Hmax 0.53 0.57 -
Wave period max 7.9 12.8 s
Mean zero crossing period 5.3 11.4 s
Peak period 7.4 14.6 s
Current speed 1.20 1.80 m/s
10 min mean wind speed at 10m 6.16 34.50 m/s

2.1.1. Wind Data
To provide the wind input of the load cases, vertical mean wind speed profiles are modeled using the power-
law given by Equation 2.1 [45]. Vertical wind profiles can strongly vary under different circumstances. DTU
professor Sven-Erik Gryning stated that even differences in day and night time can have a significant in-
fluence on the profile shape [37]. However, both the rated and 50 year return conditions are considered

1At the rated wind speed, the turbine is able to generate electricity at its maximum, or rated, capacity.

11

Part 1



2.1. Environmental Data 12

to predominantly occur during overcast weather situations at the chosen location. In these conditions the
power-law profile is generally applicable. The wind shear parameter (α) determines the shape of the verti-
cal wind profile. The adopted wind shear parameters are 0.11 for 50 year return conditions and 0.2 for rated
conditions [47].

uz

ur e f
=

(
z

zr e f

)αw

(2.1)

Where:

uz = wind speed at height z
ur e f = wind speed at reference height (zr e f ), taken at 10 m above water level
αw = wind shear parameter

In addition to mean wind speeds, the turbulence in the wind is a highly relevant design parameter for
the wind turbines. Turbulence, including wake-induced turbulence due to neighbouring wind turbines, is an
important design factor for determinating fatigue during the WTG’s lifetime [72]. The maximum wind forces
during rated conditions are expected to occur under rated wind speeds with a 50-year extreme operating gust
(EOG) hitting the rotor [5]. The control system is assumed to be unable to respond fast enough to reduce
impact [25]. The hub height gust magnitude is given by the Equation 2.2 [47].

ugust = Min

1.35(0.8ue50 −uhub ) ; 3.3

0.15(0.75uhub +5.6)

1+0.1
(

Dr otor
Λ1

)
 (2.2)

Where:

Λ1 = the turbulence scale parameter (equal to 42 m for z ≥ 60m)
ue50 = the 50-year return period mean wind speed at 10 m (34.50 m/s)
uhub = the rated wind speed at the hub (10.59 m/s)

The wind speed over height during such an extreme operating gust event can be found following Equation
2.3. Here T is commonly set to 10.5 s and the maximum wind speed will occur at t = T /2 [47].

utot al (z) = u(z)−0.37ugust sin(3πt/T )(1−cos(2πt/T )) (2.3)

During the 50-year return period storms the turbulence is assessed using the Extreme Wind speed Model
(EWM) [25]. The turbulence is given following Equation 2.4 and the profile follows the power-law given in
Equation 2.1.

ug ust = 0.11uhub (2.4)

Figure 2.1 shows the total vertical wind profiles for both the load cases under maximum turbulence gust.

Figure 2.1: Total vertical wind profile for rated and 50-year return conditions
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2.1.2. Hydro Data
The submerged part of an offshore wind turbine increases for increasing water depths. In addition to this,
the relative loading surface of the hydrodynamic forcing also increases due to the larger required monopile
diameters. Hence, the hydro data becomes increasingly important for deeper waters. The metocean data for
the Hywind Scotland project provided by Equinor [54] states clear design wave parameters for the 50-year
return conditions, which are adopted for this load case and summarized in Table 2.1. As the waves at Buchan
Deep are a combination of swell and wind waves, the relation between wind speed and wave conditions is
not evident. The report provides an empirical relation between the 1-hour mean wind speed at 100 meters
above sea level (u1hr ;100m) and the significant wave heights (Hs ), given by Equation 2.5. This relation is used
to estimate the wave conditions under rated wind speeds [54].

Hs = 0.719 ·exp0.0832·u1hr ;100m (2.5)

To determine the maximum wave height associated with the significant rated wave height, it is multiplied
by a factor 1.95 [44]. This is based on Equation 2.6 for a 3 hour storm (d) with the mean zero crossing period
(Tz ) given in Table 2.1.

mod
(
H max

)≈ Hm0

√
1

2
ln

d

Tz
(2.6)

The peak periods associated with the maximum and significant wave heights are listed in the metocean
report [54]. The relation between the peak periods (Tp ) and zero up-crossing period (Tz ) is given in DNVGL-
CG-0130 [20] and differs for the two load cases. The relations are given by Equation 2.7

Tp;r ated = 1.286Tz;r ated

Tp;50year = 1.405Tz;50year
(2.7)

The current speed for the 50-year return condition is given in the data set. 80% of the 1-year return current
speed is taken as the current speed under rated conditions. In order to capture the survival scenario, the 50
year extreme gust and wave height occur at the same time.

2.2. Loading of Structure
The total loading that has to be withstood by the monopile consists of a variety of components. The loads
can be divided in two main forcing groups: wind loads and hydrodynamic loads. The following subsections
include the force determination of the two forcing groups.

2.2.1. Wind loading
As the increasing power output potential of future wind turbines is partly due to the significant growth in
swept area of the rotors, the wind accounts for a notable part of the force balance. The total force generated
by the wind consists of four main thrust or drag components:

• Rotor Thrust or Drag

• Tower and Dry Monopile Drag

• Nacelle Drag

• Platform Drag

In this study the drag force on the platform is considered negligible with respect to the other forcing
components and is therefore not included in the design process. The optimization of the turbine tower shape
is not included in this research and the provided tower geometry from the reference turbine is adopted [34].
The total wind forcing is the sum of all thrust (Ft ) and drag (FD ) forces which can be found with Equation 2.8
and 2.9, respectively [11, 41].

Ft = 1

2
ρai r Ar CT u2

w (2.8)

FD = 1

2
ρai r AwCD u2

w (2.9)

Here Ar is the swept rotor area during power production and Aw is the loading surface of the assessed
drag component. uw is the occurring wind speed, given by the vertical wind profiles in Figure 2.1. The thrust
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(CT ) and drag (CD ) coefficients of the rotor differ for the different load cases and are given in Section 2.3.
For the tower a drag coefficient of 0.65 is used (associated with smooth cylinders) and for the nacelle a drag
coefficient of 1.00 is adopted (associated with a square surface) following DNVGL-RP-C205 [23].

Combining the wind profiles from Section 2.1.1 from LAT + crest height upwards with Equations 2.8 and
2.9, the wind forcing over tower height can be found of which an example is shown in Figure 2.2. The starting
height of the wind forcing is the level from which the wind can freely flow, between crests and troughs wind
velocities can vary dramatically. The orange arrow indicates the resulting rotor drag or thrust forces on the
nacelle and rotor, which act at the hub height.

Figure 2.2: Drag over height for 15 MW turbine under 50-year return conditions

2.2.2. Hydrodynamic Loading
With deeper water and larger diameters the hydrodynamic loading surface of the foundation and arm of
the hydrodynamic forcing increase. Although the exact hydrodynamic loading depends strongly on the sub-
structure geometry, it is evident that the total magnitude increases for deeper water. Following the metocean
study [54], marine growth may be assumed to increase linearly from zero to the given values in Table 2.2 in
the course of a couple of years. These values are adopted for the calculations.

Table 2.2: Thickness of marine growth of Buchan Deep.
Data from NORSOK Standard N-003 Section 6.6.1 [57]

Water depth [m] Thickness [mm]
Above +2 0
+2 to -40 100

Below -40 50

In this design the monopiles do not feature a boat landing or ladders. Omitting these features is a novel
technology used by Ørsted in their Hornsea Two park [58]. The use of so called ’Get Up Safe’ systems boost
both safety and potential for construction and through-life cost reductions. The elimination of external
ladders streamlines the foundation, resulting in no additional diameter increases besides the given marine
growth, which in its turn reduces the hydrodynamic loading surface at the wave impact zone. In this design
the impact of ice on the structure is neglected, large marine growth such as mussels typically results in signif-
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icant extra ice growth and thus increase of loading surface.

The hydrodynamic forcing is a combination of drag (FD ) and inertia (FI ) forces and can be calculated
using Equations 2.10, 2.11 and 2.12 [23, 84] for a stationary cylinder.

FD = 1

2
ρwCD Dv |v | (2.10) FI = π

4
Cmρw D2v̇ (2.11) Ftot =

√
F 2

D +F 2
I (2.12)

Where:

Cm = Hydrodynamic inertia coefficient
Cd = Hydrodynamic drag coefficient
ρw = Sea water density

D = Monopile diameter including marine growth
v̇ = The water particle acceleration
v = The water particle velocity

The drag coefficient consists of a roughness related part, CDS , factored by a Keulegan-Carpenter number
related wake amplification factor, ψ(KC ), which results in a drag coefficient given in Equation 2.13.

CD =CDS (∆) ·ψ (KC ) (2.13)

For high Reynolds numbers (Re > 106), which are the applicable conditions here, the roughness depen-
dent part is given by Equation 2.14 [23]:

CDS(∆) =


0.65 ;∆< 10−4(smooth)(
29+4 · log10(∆)

)
/20 ;10−4 <∆< 10−2

1.05 ;∆> 10−2(rough )
(2.14)

Here, ∆ is the roughness taken as ∆ = δ/D where δ is the marine growth given in Table 2.2 and D is the
monopile diameter. The wake amplification factor can be estimated from Figure 2.3, where the Keulegan-
Carpenter number is given by Equation 2.15.

KC = πH

D
(2.15)

The inertia coefficient is given by Equation 2.16 [23].

Cm = max

{
2.0−0.044(KC −3)
1.6− (CDS −0.65)

}
(2.16)

Figure 2.3: Wake amplification factor ψ as function of KC-number for smooth (CDS = 0.65 - solid line) and rough (CDS = 1.05 - dotted
line) [23]

The water particle velocity consists of a current and wave component, of which the current component
is equal to the current speed given in Table 2.1. These components are factored with a blockage (γb) and
spreading (γs ) factor respectively, as shown in Equation 2.17.

vtot al = vcur r ent ·γb + vw ave ·γs (2.17)

The wave velocity component is depth dependent as the wave velocities decays with depth. The velocity
amplitude in deep waters for a given depth can be found following Equation 2.18 [44].
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vw ave = ζωekz (2.18)

Where:

ζ = Wave crest height
ω= Wave frequency (found with Equation 2.19)

k = Wave number (found with Equation 2.20)
z = Depth from free surface

ω= 2π

T
(2.19) k = 4π2

g T 2 (2.20)

Similar to the vertical wind profile, the current will follow the power-law given by Equation 2.1 with a
current shear parameter of αc = 1/7 which is a typical value following DNVGL-RP-C205 [23]. The monopile
support structure consists of a single ’leg’, resulting in zero blockage and thus a current blockage factor of 1.0.
The wave spreading factor is set to 0.85, which is the average of appropriate wave spreading factors for the
northern North Sea [83]. The current forces act from still water level, which is defined as LAT + tidal ranges
and storm surges, whereas the wave forces act from still water level + crest height. The wave kinematics are
stretched beyond the still water level using the Wheeler stretching [23].

To acquire the wave particle acceleration, the time derivative of the particle velocity is taken. As the cur-
rent is considered constant over time, the acceleration will be a function of the wave velocity only. The particle
acceleration amplitude can be found following Equation 2.21.

v̇ = ζω2ekz ·γs (2.21)

Figure 2.4 shows an example of the hydrodynamic forcing over the depth of the support structure for the
power production and parked conditions in 60 meter water depth. It shows that the forcing is predominantly
inertia driven for both situations. This means that the impact of the current and wave velocities is very small
compared to the acceleration of the water particles resulting from the wave forcing.

(a) Power Production (b) Parked

Figure 2.4: Hydrodynamic forcing amplitude over the depth
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2.3. Load Cases
The dynamics of the wind turbine differ for power production and parked conditions. Hence, both cases
should be assessed in order to find the critical load combination. The requirements of several design load
cases (DLCs) are listed in DNVGL-ST-0437 [25]. The following subsections will elaborate on which DLCs are
assessed for the power production and parked conditions and discusses assumptions.

2.3.1. Power Production Load Case
The turbine will be in ’power production mode’ between the cut-in and cut-out wind speed and will deliver
its full power potential between the rated and cut-out wind speed shown by the purple line in Figure 2.5.
Note: operational range of modern offshore wind turbines may extend to 30 m/s average wind speeds; this will
however not affect the maximum resulting thrust force.

Figure 2.5: Power and thrust curve

In order to accomplish this, the turbine controller must adjust the pitch angle for Region 1.5 and 3 and
generator torque for Region 2 of the blades for varying wind speeds. Figure 2.6 shows the blade pitch angle
and corresponding rotor speed, torque moment and tip speed ratio (TSR).

Figure 2.6: Controller regulation trajectory

The performance characteristics of the wind turbine are given by its power (CP ) and thrust (CT ) coeffi-
cients. The power coefficient represents the power output resulting from the energy taken from the wind
and the thrust coefficient accounts for the developed thrust force on the rotor blades. The controller of the
wind turbine pitches the blades for varying wind speeds to achieve optimal efficiency. Until the wind speed
reaches its rated value and the blades rotate at their nominal RPM, the blades are fixed in such an angle that
they produce maximum lift while staying below the operational limits (e.g. maximum RPM and power) of the
WTG. With further increasing wind speed, blade pitch is adjusted to regulate the RPM and thrust force taken
from the wind in order to limit power to the rated power of the generator.
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Figure 2.7 shows the power coefficient and thrust coefficient for increasing wind speed. As shown in Fig-
ure 2.5 the thrust force reaches its maximum value at the rated wind speed. For this optimization model
DNVGL’s DLC 2.3 is adopted [5, 25], which assesses the forcing under rated wind speed and an extreme op-
erating gust. The system will not be able to react to the gust due to external or internal electrical faults. The
adopted hydro data under rated wind speeds is given in Table 2.1 and the rotor drag force is considered neg-
ligible during rated conditions.

Figure 2.7: Aerodynamic performance coefficients

2.3.2. Parked Condition Load Case
When wind speeds at the hub height exceed the cut-out wind speed of the wind turbine, the power produc-
tion stops and the system pitches the blades to feather to minimize their forcing. This situation is called ’the
parked condition’. For this study the optimization process is conducted for DLC 6.2 [25]. This load case states
that the parked turbine should be loaded by 50-year return period wind and wave conditions, while account-
ing for yaw misalignment of the nacelle. The DLC states that one should assess ±180◦ yaw misalignment. As
the drag force calculation would require simulation software, for this study only 0◦ and 90◦ yaw misalignment
are assessed. These are the cases where either the blades or the nacelle feel the largest drag force.

When the power production stops, the thrust force becomes zero leaving only the drag force as wind
loading. This drag force is not the same for the two yaw misalignment configurations as the loading surface
(Aw in Equation 2.9) of the rotor and nacelle varies. When the misalignment is zero, the wind loading surface
of the nacelle is equal to the power production situation. When the wind hits the nacelle from the front, the
resulting loading surface is: Aw ;nacel l e = Hnacel l e ·Wnacel l e = 104m2. When the misalignment is 90◦ this area
becomes Aw ;nacel l e = Hnacel l e ·Lnacel l e = 124.8m2. The loading surface and corresponding drag coefficient
for the blades is defined with respect to their chord length [41]. The chord length over the blade length is
shown in Figure 2.8. For this analysis the average chord length depicted with the red dashed line of 3.46
meters is adopted, resulting in a loading surface of Aw ;bl ade = cav ·Lbl ade = 404.82m2. The model accounts
for three blades when the wind hits from the front and for two blades when the wind hits from the side to
account for the blockage caused by the blades.

Figure 2.9 shows drag versus lift coefficients for different types of airfoil families. All of these families are
represented in the varying cross sectional geometry of the blade. As shown in the figure, all families show
relatively similar behaviour apart from the SNL-FFA-W3-500. This line represents a relatively thicker airfoil
shape, which is represented close to the blade root and accounts for a relatively small part of the blade. During
parked conditions the blades will pitch such that the lift coefficient converges to zero. The figure shows that
for a lift coefficient of zero the drag coefficient is approximately 0.01 to 0.018. For this study a frontal rotor
drag coefficient of 0.018 is selected. The side rotor drag coefficient is estimated to be equal to the square drag
coefficient of 1.00 due to its flat shape.



2.4. Monopile Design Criteria 19

Figure 2.8: Chord Length over Blade Span

Figure 2.9: Airfoil family drag coefficients

2.4. Monopile Design Criteria
In consultation with monopile manufacturer Sif Group a number of manufacturability, installability or oper-
ationability driven design criteria are established to ensure that the design configurations represent realistic
models [51]. With eye on the future, the limitations take into account expected developments in installation
and production technologies. For this reason, the boundaries may exceed current state-of-art [51], taking
into account already foreseen developments in installation and production technologies. A summary of the
design criteria is given below, with more detail on the parameters provided in the next paragraphs.:

1. Outer diameter between 10 and 14.5 m

2. Maximum D/t ratio of 160

3. Maximum wall thickness of 150 mm

4. Taper angle of cans ≤ 4.5°

5. Platform unsubmerged at all times
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2.4.1. Manufacturability
A relatively cost effective production method for the steel cans required in the monopiles is the use of so
called "thermo-mechanical control processed" (TMCP) steel. Sif Group stated that the industry is expected
to be able to deliver TMCP steel plates with a maximum wall thickness of 150 mm and that they will be able to
produce cans with a maximum diameter of 14.5 m [51]. If the wall thickness exceeds this value, the produc-
tion method switches to the quench & temper process, which is approximately twice as expensive as TMCP
and has a longer delivery time. Hence, for this optimization process a wall thickness manufacturability limit
of 150 mm and outer diameter limit of 14.5 m are set.

With the increasing diameter of the steel cans, the steel cans become more slender. The slenderness of
the cans is defined by the outer diameter over wall thickness ratio (D/t ratio). The more slender the steel cans,
the higher the local bending and hoop stresses will become [77]. This will cause the cans to be more flexible
and increasingly hard to handle. An increasing D/t ratio will also enlarge the risks of local buckling during
installation. Additionally, transportation and storage will become a difficult topic for very large slender cans.
In consultation with Sif Group, the slenderness limit of the cans was set to a D/t ratio of 160. This limit is
verified by large contractors such as Orsted and is confirmed by industry practice [28, 51].

2.4.2. Installability
When the monopile fabrication is finished, they need to be installed offshore. This is typically done by ham-
mering the piles in to the soil until they reach an embedded length that provides sufficient stability for the
wind turbine. The required embedded depth varies strongly with soil type and is a topic under extensive re-
search. For each project an individual soil and foundation analysis is required for each individual location to
acquire the appropriate embedded lengths. The adopted pile length for this is discussed in Section 3.1.1.

In order to ensure stability, the base diameter of a monopile typically needs to be larger than the base
diameter of the wind turbine towewr. Thus, in order to connect the two components a tapered section is
required. When hammering the piles, great vertical force is transferred through the monopile. If the taper
angle of this section is too high the section will start to function as a damper, which would result in significant
stress concentrations and possibly failure of installation. As the production of tapered cans is more expensive
than the production of straight cans, the number of tapered cans should be minimized [51]. The taper angle
is set to 4.5° in consultation with Sif Group; this is the maximum allowable taper angle to ensure installability
[51].

2.4.3. Operationability
Another important geometry criteria is the interface level, which is assumed to be the top level/start of the
monopile for this research. The fluctuations in water levels and waves will cause a constantly changing wa-
terline. The interface level should be set such that the platform interface will never be hit by waves [24]. This
level can be found using Equation 2.22.

zi = L AT +∆W L +ζ∗+∆zai r (2.22)

∆W L = Water level including tidal range and storm surge
ζ∗ = 50-year highest wave elevation above still water level
∆zai r = Air gap max[0.2Hs;50,1.0m]

Where Hs;50 is the 50-year return period significant wave height.
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Monopile Design Optimization Process

Now that the environmental forcing and monopile design criteria are known, monopile geometries need to
be defined for the target depth range of 60 to 120 meters. In order to optimize these geometries a parametric
model is established, which is presented in Section 3.1 and a flowchart of the optimization process is shown
in Appendix A. A summary of the steps of the process is listed below:

1. The monopile’s first natural frequency is calculated and has to match the set target frequency. The
calculation of the natural frequency is given in Section 3.1.1.

2. If the monopile geometry yields the target first natural frequency, it will first be tested on its ultimate
limit state (ULS) capacities and altered accordingly (if possible and necessary). The ULS check consists
of a yield stress and global buckling check, given in Section 4.1 and 4.3. The yielding check is done over
the entire structure length up to the virtual fixation point which is located 1 times the outer diameter
below the mudline [39]. Standards state that a local buckling check is also required [24]. However, as
this check requires more detailed design, it is not conducted in this study

3. The water depth - target frequency configurations that are resistant against the ULS will be checked on
fatigue life, as explained in Chapter 5.

3.1. Model Explanation
The monopile optimization model is set-up using Excel as main platform with added macros for optimiza-
tion. User-defined load cases and wind turbine data are inserted with the parameters given in Table 1.1 and
2.1. For this research the support sturcture is checked under rated and 50 year return load cases.

For the monopile geometry optimization process the complete wind turbine, from the sub-soil virtual
fixation point (1D below the seabed) to the hub, is subdivided into cans with a height of 4 meters. For each of
these cans the bottom diameter and wall thickness are variable. If a can is tapered, it is done in such fashion
that their top outer diameter matches the bottom diameter of the subsequent upper can, ensuring a flush
exterior. The turbine tower optimization is not included in this research and the reference turbine tower
geometry is adopted [34]. The design of this tower is not substantially different from common practice in
offshore support structure design [72] The optimization process is done under a number of geometry criteria
listed in Section 2.4.

The geometry optimization process is visualized in Figure 3.1. The initial input geometry extends the base
diameter of the turbine tower (10 m) to the mudline. The substructure will have an initial D/t ratio of 160 (Step
1). When this initial input geometry doesn’t pass the conducted checks, the diameter will be increased from
the slender top part (Ltop ) downwards under a taper angle of 4.5° until it reaches the set base diameter. The
initial value of Ltop is set to 40 m below LAT, beyond this depths the slender top part will fail the yield check
for the D/t ratio of 160 (Step 2). If the current geometry doesn’t yield a satisfactory geometry, the length of
the slender top part can be decreased and the wall thickness can be increased to stiffen the system (Step 3). A
more elaborate explanation of the optimization process is given in Section 3.1.2.

21
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Figure 3.1: Geometry Optimization Process

3.1.1. Natural Frequency Selection and Calculation
An important parameter in the design of an offshore wind turbine foundation is the selected target first nat-
ural frequency of the system ( ft ). When the system is dynamically loaded at or around this first natural fre-
quency, the structural reaction is amplified which can result in significant damage. To avoid this interaction,
it is common practice to target the ft away from the forcing frequencies. The dynamic forces considered in
this study are the wind, wave and rotor forces.

To assess the spectral power density for the frequency of the wind forcing, the Kaimal spectrum is used
[47]. For the wave frequencies the JONSWAP spectrum is adopted [20]. As the open sea location of Buchan
deep is likely to be subjected to a combination of wind and swell waves, a detailed design should include
spectra accounting for these types of waves such as the twin-peaked Torsethaugen spectrum [54]. However,
since swell waves typically have a larger period than wind waves, the excitation frequency will be lower and
will not interfere with the structure frequency. Therefore, for this study the swell waves are neglected during
the target frequency selection. The rotor forcing frequencies consist of the rotational frequency of the rotor
during power production (1P) and the blade passing frequency (3P). The rotational frequency varies between
the minimum and maximum rotor speed given in Table 1.1 and the blade passing frequency is thrice this
value.

Figure 3.2 shows all forcing components over a range of exciting frequencies. It is common practice to
set the target frequency between the 1P and 3P zones. However, the figure shows that this would result in
significant interference with the wave frequencies. To assess the effect of the chosen natural frequency on
the monopile geometry for large turbines such as considered in this research, a range of target frequencies is
selected. For this study target frequencies of 0.15, 0.17 and 0.20 Hz are assessed, which all fall in the desired
frequency range. The 0.15 Hz target was chosen after consultation with Marc Seidel, a Siemens Gamesa ex-
pert, based on current 14 MW designs in shallower waters [71]. The 0.17 Hz target frequency was stated in
the reference data [34]. The 0.20 Hz target frequency was added to give insight in how the selection of stiffer
target natural frequency impacts the technical boundaries of the monopile foundation. Due to the interfer-
ence with the wave energy spectrum, dynamic simulations are required to assess the consequences of the
dynamic loading such as fatigue damage.
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Figure 3.2: Frequency Diagram

The first natural frequency of a tower with varying diameter can be approximated by an analytic expres-
sion following the Rayleigh method factored by suitable design coefficients given by Equation 3.1 [5].

fn =CLCRCS fF B (3.1)

Where:

CS = Substructure flexibility coefficient
CR = Rotational foundation flexibility coefficient

CL = Lateral foundation flexibility coefficient
fF B = Fixed base first natural frequency

The fixed base natural period can be estimated with the analytical expression given in Equation 3.2 from
which the natural frequency can be found ( fF B = 1/Tn) [42].

T 2
n = 4π2

(
mtop +meq L

)
L3

3E Ieq
·
[

48

π4

]
(3.2)

Where:

Ieq = Equivalent moment of inertia
meq = Equivalent mass per unit length

E = Elasticity modulus steel (210 GPa)
L = Total length of the system

In order to calculate the required parameters for the natural frequency calculation, the system is subdi-
vided in to segments of 0.10 m height. The final parameters are found following Equations 3.3 and 3.4.

Ieq =
∑n

j=1 I j l j cos2
(
πx j

2L

)
L

(3.3) meq =
∑n

j=1 m j l j

(
1−cos

(
πx j

2L

))2

L
(3.4)

Where:

I j = Moment of inertia of segment j [m4]
l j = Segment height [m]

m j = Distributed mass of segment j [kg /m]
x j = Distance to mudline of segment j [m]

The substructure flexibility coefficient, CS , is calculated using the monopile length from interface height
to mudline (LS ). The substructure flexibility is expressed in terms of two dimensionless parameters, the bend-
ing stiffness ratioχ= E IT /E IP (where E IT is the tower stiffness and E IP the monopile stiffness) and the length
ratio φ= LS /L. The substructure flexibility coefficient can hereafter be calculated following Equation 3.5.
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CS =
√

1

1+ (1+φ)3χ−χ (3.5)

The rotational and lateral foundation flexibility coefficients account for the foundation stiffness and are
estimated following Poulos & Davis [65]. The soil data report of the reference site shows that the soil consists
of a variety of soil types varying from pure sand to sandy clay [76]. For this analysis it is assumed that the full
penetration depth consists of the same soil type. To assess the effect of the soil type on the monopile geometry
separate designs for loose and dense sand with a respective horizontal coefficient of sub-grade reaction (nh)
of 2.8 and 70 MN/m3 are made [5]. The foundation flexibility coefficient are calculated following Equations
3.6 and 3.7.

CR = 1− 1

1+0.6

(
ηR − η2

LR
ηL

) (3.6) CL = 1− 1

1+0.5

(
ηL − η2

LR
ηR

) (3.7)

Where ηR ,ηLR and ηL are non-dimensional stiffnesses which can be calculated following Equations 3.8,
3.9 and 3.10 respectively [65].

ηR = KR L

E Ieq
(3.8) ηLR = KLR L2

E Ieq
(3.9) ηL = KLL3

E Ieq
(3.10)

To solve the equations, the soil dependent foundation stiffness KR ,KLR and KL are required, which, for
slender piles in linear inhomogenous soils can be calculated following Equations 3.12, 3.13 and 3.14 [65]. LP

is the embedded length, which can be estimated by Equation 3.11 [65]. The validity of this embedded length
estimation is assessed in Section 4.2.

LP = 4.0

(
EP IP

nh

) 1
5

(3.11)

KR = 1.48n
1
5
h (EP IP )

4
5 (3.12) KLR =−0.99n

2
5
h (EP IP )

3
5 (3.13) KL = 1.074n

3
5
h (EP IP )

2
5 (3.14)

In order to validate the analytical natural frequency calculation, the provided tower geometry [34] and a
selection of monopile geometries are modeled (an example is shown in Figure 3.3) in Ansys. A modal analysis
is performed to obtain the first natural frequency. The resulting natural frequencies showed a maximum
difference of 5% in first natural frequency, which is considered satisfactory for the present study.

Figure 3.3: Ansys Modal Analysis First Bending Mode
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3.1.2. Monopile Design Optimization Process
With all the data and structural integrity checks set, they can be combined in order to find optimized monopile
geometries. The optimization is an iterative process of which an overview is given in the form of a flowchart in
Appendix A. As a first step, the environmental and wind turbine data are entered and a design water depth and
target first natural frequency are chosen. For this study water depths of 60, 80, 100 and 120 meters and target
frequencies of 0.15, 0.17 and 0.20 Hz are assessed. To assess the effect of different soil types, the optimization
is done for very loose and dense soil types. Hereafter, an initial monopile geometry is fed to the model, this
initial geometry extends the 10 meter tower bottom diameter over the entire length of the monopile under a
D/t ratio of 160. It is assumed that the monopile will never have a smaller diameter than the bottom of the
tower.

Firstly, the first natural frequency is checked. If it is within ±0.02 Hz of the target frequency the frequency
is considered accurate enough. When the deviation is larger than ±0.02 Hz, the geometry should be altered
to converge the natural frequency to the desired target frequency. The first natural frequency can be changed
by varying the base diameter, wall thicknesses and length of the slender top part of the monopile (Ltop ). To
minimize the monopile mass, the method with the most effect per extra steel usage should be conducted first.
For the proposed monopile geometry, this is empirically found to be the change in base diameter, followed by
the variation in Ltop and lastly the variation of wall thickness. The variation of wall thickness may, however,
be required to pass the unity checks. The diameter will be increased or decreased, depending on the natural
frequency, with steps of 0.1 m. When the diameter is varied it is also checked whether variation of Ltop yields
an acceptable geometry. If not, the process is repeated until the frequency of the structure is within ±0.02 Hz
of the target frequency. If the target frequency cannot be found for a diameter between 10 and 14.5 meters,
the optimization stops and no geometry that passes the criteria is found.

When the natural frequency check is passed, the current structure is checked on yield stress capacity for
both load cases as explained in Section 4.1. If the check is not passed over the entire structure, the wall thick-
ness of the failed cans is increased with steps of 1 mm. After every step, it is checked whether the natural
frequency is still within the allowed margins.

If the yield check is passed, a global buckling check is conducted for the optimized geometry of the
monopile as explained in Section 4.3. If this check is not passed, it is assumed that no optimized geome-
try can be found for the selected combination of water depth and target frequency.

When the geometry passes both ultimate limit state checks, the geometry will be tested on fatigue resis-
tance. The fatigue analysis is explained in Chapter 5.



4
Ultimate Limit State Check

The monopile geometries will be tested and optimized according to two ultimate limit state (ULS) checks.
The first one being the Von Mises stress unity check and the second one is a global buckling check [24]. DNV
standards dictate the requirement of local buckling checks as well. However, these require more detailed
designs and are therefore not included in the geometry optimization process. This Chapter will elaborate on
both conducted checks in Section 4.1 and 4.3. Hereafter, the results will be presented and conclusion will be
made accordingly in Section 4.4.

4.1. Von Mises Stress Unity Check
The first conducted check is the Von Mises stress unity check [24]. In this check the occurring stresses in the
monopile will be tested against the yield strength of the used steel. The Von Mises stress is a combination of
stresses resulting from axial forces, shear forces and overturning moment and is found with Equation 4.1 [19].

σvm =
√
σ2

x −σxσy +σ2
y +3τ2

x y (4.1)

When the loading is a combination of only longitudinal and shear stress (present in the current design),
Equation 4.1 can be simplified to Equation 4.2.

σvm =
√
σ2

x +3τ2
x y (4.2)

Here, the axial stress (σx ) consists of a normal force component and an overturning moment component.
The normal force component results from the own weight of the top mass, tower and monopile. The over-
turning moment component is a result of the environmental loading, as given in Chapter 2. The factored
axial stress can be found by Equation 4.3.

σx = V

A
γg + M

W
γe (4.3)

Where:

V = Total axial force [N ]
A = Cross section area [m2]
M = Total Moment [N m]

W = Elastic Section Modulus [m3]
γg = Safety factor permanent loads (1.10) [25]
γe = Safety factor environmental loads (1.35) [25]

The shear stress (τx y ) can be found following Equation 4.4, where FB is the total shear at the given height.

τx y = 2FB

A
γe (4.4)

Sif Group primarily uses S355ML graded steel for their monopile production [51]. The specified yield
stress ( fy ) of this material depends on the wall thickness of the plates. The present study uses the values in
Table 4.1.

26
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Table 4.1: Specified Yield Strength of S355ML for different wall thicknesses [32]

Wall thickness [mm] Yield Stress [MPa]
3 - 16 355

16 - 40 345
40 - 63 335

63 - 100 325
100 - 150 295

Combining the above equations, the monopile geometry is checked on the final Von Mises stress unity
check per 0.1 m height segment. The final Von Mises stress unity check reads as stated in Equation 4.5 with
an additional overall safety factor set at 0.9 [69]. A material safety factor (γm) of 1.10 is applied [43].

σvm

fy /γm
≤ 0.9 (4.5)

In order to find the forces and overturning moment along the structure for the yield stress check, the
monopile is modeled as a cantilever beam. Due to the soil-type dependent flexibility of the foundation under
the mudline, the location of the maximum stress varies per monopile geometry and soil type. A simplified
analytical model is established in Maple to assess this effect for the range of soil type adopted for this study
(loose to dense sand) of which a visualization is shown in Figure 4.1. For convenience a set of notations is
introduced for the horizontal displacement of the different sub-sections (u1,2,3,4), where the subscripts refer
to the segment numbering in the figure.

Figure 4.1: Simplified wave forcing model

Using the above notation, equations of motion for the system can be written as Equation 4.6 following the
Euler-Bernoulli beam theory. In order to achieve general insight on the reaction of the pile below the mudline
without over-complicating the model, only the reaction to the main force contributor is assessed. The main
stress contributor in the ULS check is the wave forcing during 50 year return conditions. Soil is considered
a highly non-linear factor in the foundation design. Not only does the soil- type and reaction vary over the
pile penetration depth, The reaction of the soil also varies per load rate and can change over time. Hence,
no general conclusion can be made on the soil behavior and a separate soil analysis must be made for every
monopile. To simplify the analysis the soil stiffness is considered to be constant over depth in this model,
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however a complete range of stiffnesses representative for different, soil types will be used in the analysis to
obtain a good impression of the impact of soil on the overall design. fh is the wave force at z2 from which the
forcing is assumed to decline linearly downwards and ksoi l is the soil stiffness.

E I1
∂4u1

∂z4 +m1g
∂2u1

∂z2 +ksoi l u1 = 0 0 ≤ z ≤ z0

E I1
∂4u2

∂z4 +m2g
∂2u2

∂z2 = 0 z0 ≤ z ≤ z1

E I1
∂4u3

∂z4 +m3g
∂2u3

∂z2 = fh
z − z1

z2 − z1
z1 ≤ z ≤ z2

E I2
∂4u4

∂z4 +m4g
∂2u4

∂z2 = 0 z2 ≤ z ≤ L

(4.6)

The vertical location of z0, z1, z2 and therefore the total length of the system depend on the specific ge-
ometry and soil type selection. z0 is equal to the pile penetration depth and is estimated by Equation 3.11. z2

is the location where the wave forcing is maximum, which is equal to L − zhub +∆dw ater l i ne + Hmax /2. The
location of z1 determines the total magnitude of the triangular wave forcing. In order to stay close to the forc-
ing resulting from the exponentially decaying wave forcing (Airy wave theorem as stated in Chapter 2), the
overturning moment resulting from the triangular forcing at the mudline should be equal to the overturning
moment resulting from the exponential forcing. Typically, using exponentially decaying wave forcing, the
contribution of forcing below half times the wave length can be considered negligible [44]. To find an equiv-
alent penetration depth for the triangular forcing to the exponential forcing, both resulting moments can be
described as:

Mexp =
∫ z2

z2− λ
2

f −k(z2−z)
h (z − z0)d z (4.7)

Mtr i ang =
∫ z2

z2− λ
λeq

fh

z − (z2 − λ
λeq

)

z2 − (z2 − λ
λeq

)
(z − z0)d z (4.8)

The above system can be solved for λeq , which can be used to find z1 using Equation 4.9

z1 = z2 − λ

λeq
(4.9)

Figure 4.2 shows both forcing types over structure length from an arbitrary z0 to z2.

Figure 4.2: Comparison of exponential and equivalent triangular
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The boundary conditions (4 in total) at the pile tip (z = 0) and hub height (z = L) are given in Equation
4.10. The pile tip is sufficiently deep to resist all acting loads; please also refer to Section 4.2.

∂2u1,4

∂z2

∣∣∣∣
z=0,L

= ∂3u1,4

∂z3

∣∣∣∣
z=0,L

= 0 (4.10)

and the interface conditions (3 time 4) are given by:

u1,2,3(z0,1,2) = u2,3,4(z0,1,2)

∂u1,2,3

∂z

∣∣∣∣
z=z0,1,2

= ∂u2,3,4

∂z

∣∣∣∣
z=z0,1,2

∂2u1,2,3

∂z2

∣∣∣∣
z=z0,1,2

= ∂2u2,3,4

∂z2

∣∣∣∣
z=z0,1,2

∂3u1,2,3

∂z3

∣∣∣∣
z=z0,1,2

= ∂3u2,3,4

∂z3

∣∣∣∣
z=z0,1,2

(4.11)

To solve the boundary-value problem above, a general solution to the ordinary differential equations has
to be established for all segments. This general solution is hereafter substituted in the system in order to find
the behavior of the system.

The system has a unique solution for every segment, the segment numbering is visualized in Figure 4.1.
As Segment 2 and 4 are not externally forced, their general solution only consists of a homogeneous part
described by Equation 4.12 for n = 2,4:

un(z) = An +Bn z +Cn sin

(√
mg

E In
z

)
+Dn cos

(√
mg

E In
z

)
(4.12)

The equation of motion for Segment 1, which is the subsoil segment, can be rewritten as Equation 4.13.

Here, α= mg
E I1

and β= ksoi l
E I1

.

d 4u(z)

d z4 +α2 d 2u(z)

d z2 +βu(z) = 0 (4.13)

The solution to this 4th order differential equation can be found in the following form:

u(z) =
4∑

n=1
Cne iλn z (4.14)

for which the characteristic equation is defined and the eigenvalue problem is solved

λ4 +α2λ2 +β= 0 (4.15)

λ1 =

√√√√−m1g +
√

m2
1g 2 −4ksoi l E I1

2E I1
,λ2 =

√√√√−m1g −
√

m2
1g 2 −4ksoi l E I1

2E I1
(4.16)

The solution for Segment 1 is now found and can be rewritten as Equation 4.17

u1(z) = A1e(λ1z) +B1e(−λ1z) +C1e(λ2z) +D1e(−λ2z) (4.17)

The general solution for Segment 3 consists of a homogeneous and particular solution, of which the ho-
mogeneous part is equal to the homogeneous solutions of Segment 2 and 4. To find the particular solution,
the forcing can be rewritten as follows:

fh
z − z1

z2 − z1
= fh

z2 − z1
z − fh z1

z2 − z1
= Az +B (4.18)

In order to obtain the unique terms of the particular solution, a solution of the following form is substi-
tuted in the differential equation:

u3, part (z) = (r z + s)z2 (4.19)
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which results in the following system that can be solved for r and s:

6mg r z +2mg s = Az +B (4.20)

r = A

6m3g
and s = B

2m3g
(4.21)

A and B can be found from Equation 4.18 and are fh
z2−z1

and − fh z1
z2−z1

respectively
Combining the homogeneous and particular part, the solution for Segment 3 is given by:

u3(z) = A3 +B3z +C3 sin

(√
m3g

E I1
z

)
+D3 cos

(√
m3g

E I1
z

)
−

(
fh z

6(z2 − z1)m3g
− fh z1

2(z2 − z1)m3g

)
z2 (4.22)

With the full system solved, the effect of varying the soil stiffness can be assessed. The general solutions
for the displacement of all segments are summarized below:

u(z) =



u1(z) = A1e(λ1z) +B1e(−λ1z) +C1e(λ2z) +D1e(−λ2z), for 0 < z < z0

u2(z) = A2 +B2z +C2 sin
(√

m2g
E I1

z
)
+D2 cos

(√
m2g
E I1

z
)

, for z0 < z < z1

u3(z) = A3 +B3z +C3 sin
(√

m3g
E I1

z
)
+D3 cos

(√
m3g
E I1

z
)
−

(
fh z

6(z2−z1)m3g − fh z1
2(z2−z1)m3g

)
z2, for z1 < z < z2

u4(z) = A4 +B4z +C4 sin
(√

m4g
E I2

z
)
+D4 cos

(√
m4g
E I2

z
)

, for z2 < z < L

The successive derivatives of the horizontal deflections have important physical meanings. The bending
moment M and shear force Q can be found following Equation 4.23

M =−E I
d 2u

d z2 and Q =− d

d z

(
E I

d 2u

d z2

)
(4.23)

To assure that the two-stepped simplified system as visualized in Figure 4.1 shows similar behaviour to the
full geometry, the equivalent moment of inertia of the broad and slender part are matched to the equivalent
moment of inertia of the full geometry over the same length following Equation 3.3. As a check, the stiffness
is set to infinite and the resulting moment at the mudline is compared to the resulting moment of the op-
timization model. Figure 4.3 shows that the two models show very similar results for the clamped situation
(difference of less than 0.5%). Therefore, the Maple model is assumed to be valid to use.

Figure 4.3: Comparison between Excel model (left) and Maple model (right)
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4.2. Soil Stiffness Model Validation
To assess the effect of soil stiffness to the displacement and maximum moment, the model is run for a stiff-
ness of ksoi l = D ·2.8 ·106 N/m3 and D ·70 ·106 N/m3 representing the loose and dense sand respectively [65].

Figure 4.4 shows the displacement of the monopile and turbine for the same geometry to the ultimate
wave height (with the estimated pile length following Equation 3.11). As expected, the displacements will be
larger in loose soils and a deeper pile penetration is required. Several design criteria have been proposed for
the required embedded length of which three criteria are listed below [22, 50]:

1. Zero toe-kick criterion: the pile length is chosen such that the displacement of the pile toe is zero or
negative.

2. Vertical tangent criterion: the pile length is chosen such that the deflection curve has a vertical tangent
at the pile toe.

3. Critical pile length criterion: the pile length is chosen such that a further increase in pile length has no
(or very limited) effect on the displacements (deflection and rotation) at the pile head. In other words,
loosely speaking the depth to which the lateral loads from the pile head are being transferred.

As the estimated pile length complies with all three criteria, the estimated embedded length is assumed
to be valid for this analysis. As the soil-pile interaction is a very complex topic, the full interaction between
XL monopiles and different soil types over time is a strong recommendation of further research.

Figure 4.4: Displacement Over the System Length for Loose and Dense Soil

Figure 4.5 shows the resulting overturning moment due to the ultimate wave height along the pile. It
shows that the maximum moment magnitude occurs somewhere below the mudline. The magnitudes of
the maximum overturning moment is given in Table 4.2. It shows that the maximum value doesn’t increase
significantly between the soil types or clamped conditions. Therefore, the maximum stress can be assumed
independent of the soil type and the moment at 1D below the mudline in clamped conditions is considered
a safe assumption.

Table 4.2: Results of simplified ULS wave forcing model

Soil type Top displacement [m] Maximum Moment [MNm]
Clamped 1.39 1905

Dense Soil 1.91 1914
Loose Soil 2.72 1945
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Figure 4.5: Moment Over the System Length for Loose and Dense Soil

4.3. Global Buckling Unity Check
The second unity check assesses the resistance against global buckling. The global buckling check is defined
by Equations 4.24 and 4.25 following Eurocode [56]. As an extra safety factor the maximum unity check is
lowered from 1.0 to 0.9.

NE d
χy NRk

γM1

+kz y
My,E d +∆My,E d

χLT My,Rk

γM1

+kzz
Mz,E d +∆Mz,E d

Mz,Rk
γM1

≤ 0.9 (4.24)

NE d
χz NRk
γM1

+ky y
My,E d +∆My,E d

χLT My,Rk

γM1

+ky z
Mz,E d +∆Mz,E d

Mz,Rk
γM1

≤ 0.9 (4.25)

Torsional moments are not considered in this study and bending moment is assumed to act at one direc-
tion, which simplifies the above equations to a single unity check given by Equation 4.26

NE d
χz NRk
γM1

+ky y
My,E d

My,Rk

γM1

≤ 0.9 (4.26)

Where:

• NE d and ME d are the design normal force and moment respectively

• ∆My,E d and ∆Mz,E d are the moment due to the shift of the centroidal axis due to bending

• NRk and My,RK are the resistances for the normal force and moment

• χz is the reduction factor due to flexural buckling term

• γM1 is the partial safety factor for resistance of the monopile to instability, equal to 1.1 [56]

• x,y,z indicate acting directions

The compression- and moment resistances are calculated with Equations 4.27 and 4.28, respectively.

NRk = A fy

γM
(4.27)

My,Rk = D3 − (D −2t )3

6

fy

γM
(4.28)



4.4. ULS Check Results 33

χz can be estimated from Figure 4.6 for which the dimensionless slenderness (λ̄) is required. This param-
eter can be calculated using Equation 4.29 [56]. The standard states that for hot finished hollow sections of
S355 steel, being the case for the applied TMCP steel, Curva a should be followed in Figure 4.6.

λ̄=
√

A fy

Ncr
(4.29)

In Equation 4.29, Ncr is the Euler buckling force which can be found following Equation 4.30. where Lbuck

is twice the total system length from the virtual fixation point to hub height (possible scour is not accounted
for in this study).

Ncr = π2E I

L2
buck

(4.30)

Finally, the coupling term ky y is required, which can be calculated following Equation 4.31 for our struc-
ture.

ky y =CmyCmLT
µy

1− NE d
Ncr

(4.31)

Here moment factor CmLT is equal to 1.0 and Cmy can be calculated following Equation 4.32

Cmy = 1− NE d

Ncr
(4.32)

and µy , which is an auxiliary term, can be calculated following Equation 4.33.

µy =
1− NE d

Ncr

1−χNE d
Ncr

(4.33)

Figure 4.6: Buckling Curves [56]

4.4. ULS Check Results
After the geometries are optimized for their set target first natural frequency and the ultimate limit state
checks are conducted, the results are stored and plotted in Python. When no optimized geometry could
be found for a water depth - target frequency combination, a geometry matching the target frequency with
minimal unity checks is established nevertheless in order to visualize trends.
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4.4.1. Optimization Process Results
Figure 4.7 shows the base diameter of the monopile geometries versus the water depth for all target frequen-
cies - water depth combinations. The color bands indicate the base diameter range of the monopiles opti-
mized for very loose and dense sand. In loose soil more steel is required to reach the same natural frequency,
hence the marked range of maximum outer diameters. The plot shows that following the stated manufactur-
ing limit of 14.5 meter, all monopiles are within manufacture limits. For the 0.20 Hz geometries, the outer
diameter reaches the base diameter limit of 14.5 meters at 100 meter water depth. However, by increasing the
wall thickness the target frequency of 0.20 Hz can still be reached without exceeding the manufacturing limit
of the wall thickness (150 mm) for a water depth of 120 m. Increasing the natural frequency by increasing wall
thickness is, however, the least effective technique material-wise.

Figure 4.7: Monopile base diameter vs Water Depth

4.4.2. Von Mises Stress Unity Check Results
Figure 4.8 shows the Von Mises yield stress unity checks for all the different configurations under parked
conditions, as this turned out to be the critical load case for this unity check. It shows that the 0.15 Hz target
frequency geometries generally fail for the entire water depth range, which is a consequence of its relative
slenderness with respect to higher target frequency geometries. The rest of the configurations stay below the
stated 0.9 limit. Hence, the monopiles designed for a 0.15 Hz target frequency do in general not result in
technically feasible designs for the selected water depths. For higher selected target frequencies, the acting
Von Mises stresses will not be critical.

Figure 4.8: Yield Stress Unity Check vs Water Depth
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As stated in Equations 4.2 to 4.4 the adopted simplified Von Mises stress consists of three components:
Axial force, Overturning moment and Base shear. The component with the highest contribution to the yield
stress check is the overturning moment. Figure 4.9 and 4.10 show the wind- and hydrodynamically induced
overturning moment for both load cases over depth, respectively. It shows that the wind induced moment
during parked conditions is approximately half the value of the power production conditions, due to the
thrust force on the rotor. The hydrodynamic overturning moment starts with similar values, but the magni-
tude increases significantly faster for the parked conditions as a result of the increasing hydrodynamic forcing
arm under harsher marine conditions.

Figure 4.9: Wind Induced Overturning Moment vs Water Depth

Figure 4.10: Hydrodynamically induced Overturning Moment vs Water Depth

4.4.3. Global Buckling Check Results
Figure 4.11 shows the global buckling unity check for the monopile geometries. For this check the 50 year
storm conditions turned out to be the dominant load case as well. The figure shows the same failing ge-
ometries as the Von Mises stress check. Relatively higher unity checks can be observed for the 0.15 Hz target
natural frequency configurations in combination with the shallower part of the water depth range. This is a
result of the need for thinner walled (resulting in less resistant) monopiles to provide the slenderness required
to reach the 0.15 Hz target first natural frequency.
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Figure 4.11: Global Buckling Unity Check vs Water Depth

Figure 4.12 shows the total monopiles masses for all configurations. The required steel usage to increase
the stiffness, or in other words increase the first natural frequency, is clearly visible in the higher overall mass
for 0.20 Hz target frequencies. However, between the geometries designed for 0.15 and 0.17 Hz target first
natural frequencies this trend is not obvious. This is due to the required pile length as stated in Equation 3.11.
It must be noted that due to the uncertainties in soil reaction, the exact pile length will be different for every
monopile. Nevertheless, the graph does give a good indication of the order of magnitude.

In general, steel usage can give a decent indication of relative pricing of the substructures. However, the
entire supply chain should be considered for the full financial picture. The total monopile mass graph show
that the steel required to reach higher target frequencies cause notable differences in total mass. Michel’s
model as comparison

Figure 4.12: Total Monopile Mass vs Water Depth

Due to the large uncertainty of the required monopile mass below the mudline, Figure 4.13 is added show-
ing the total monopile mass above mudline. Here, the effect of higher stiffness on the required steel usage is
more evident.
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Figure 4.13: Monopile Mass Above Mudline vs Water Depth

4.4.4. Optimization Process Conclusions
When the monopile geometries are optimized for all tested water depth - target frequency combinations, a
comparison table can be set up as shown in Table 4.3. It shows that for a target first natural frequency of
0.15 Hz no possible optimized geometries could be found as they fail on both the Von Mises stress check and
Global buckling check. For the geometries optimized for a 0.17 and 0.20 Hz target first natural frequency, no
limitations were found in the ULS checks.

Target Frequency
0.15 Hz 0.17 Hz 0.20 Hz

Water Depth

60 m 7 3 3
80 m 7 3 3

100 m 7 3 3
120 m 7 3 3

Table 4.3: Output Comparison Table

The table shows that at some point the slenderness of a monopile will cause the system to fail on ultimate
limit state for the selected reference location. As the reference location is considered to have a very severe
wave climate, this failure is not necessarily true for all locations. Strongly developing offshore wind areas
such as the east coast of the US and south east Asia generally have less severe ultimate waves.



5
Fatigue Limit State Check

The monopile geometries for a set target frequency - water depth combination that passed both ULS checks
will be checked on their fatigue damage resistance, meaning that the monopiles optimized for a 0.15 Hz first
natural frequency are excluded from the fatigue analysis. The determination of fatigue damage is usually
done through time series using computational software. Various WTG OEMs own proprietary software to
perform those calculations and little information is available in the public domain. This is very time con-
suming, especially for multiple different monopile geometries such as assessed in the present study. Besides,
the ’blackbox’ of computational software limits the ability to observe the influence of individual parameters.
In order to achieve faster first order results and remain in control of all parameters, it is decided to develop
an assessment procedure with suitable simplifications. The procedure consists of an analytic dynamic model
and fatigue damage calculation script, which are explained in this section.

5.1. The Dynamic Fatigue Model
As fatigue is a highly dynamic phenomenon, it is necessary to include factors such as mass, damping and
stiffness into the model. The model includes a top mass, representing the RNA, a damper, representing the
aerodynamic damping caused by the rotor blades during power production [81], and a rotational spring rep-
resenting soil stiffness [65]. The system also has structural, hydrodynamic and soil damping but they are
much smaller than the rotor’s aerodynamic damping and hence are neglected. The influence of added mass
of the water will be included. In order to reduce the computation time, the triangular load introduced in
Section 4.1 is integrated and taken as a point load at 1/3 of the penetration depth which induces the same
moment at the mudline. Figure 5.1 shows a visualization of the dynamic model, for which the governing
equations are stated and solved below.

The top mass is equal to 1017 t [34] (Table 1.1), the soil spring is calculated via Equation 3.12 and the
aerodynamic damping can be calculated using Equation 5.1 which results in a damping of 209585 Ns/m [81].
It is assumed that the turbine is always in power production during fatigue waves conditions [81].

caero = 1

2
ΩNbρai r CLαm1b (5.1)

Where:

Ω = Rotational velocity [r ad/s]
Nb = Number of blades [-]

CL = Slope of lift coefficient (= 2π) [34] [-]

The first order static moment of area of the chord along the blade (m1b) is found using reference turbine
data [34] and Equation 5.2 [81].

m1 blade =
∫ R

Rroot

c(r )r dr (5.2)

38



5.1. The Dynamic Fatigue Model 39

Figure 5.1: Simplified Fatigue Model

As all forcing elements are located on ’nodes’ rather than the ’beams’, the equations of motion for all 3
segments have a similar form, described by Equation 5.3. The axial component is negligible for the fatigue
analysis, which is governed by the bending stress cycles caused by wave forcing. Also, the Ansys modal analy-
sis performed with a full monopile geometry in Section 3.1.1 showed a difference in first natural frequency of
less than 2% between inclusion and exclusion of the gravity on the tower and monopile. Research shows that
there is no strong correlation between fatigue damage and mean thrust (R2 = 0.48 for a 10 MW wind turbine
supported on a monopile foundation [82]) and thrust is therefore not considered. Also the current forcing is
considered constant in this research and will hence not contribute to the magnitude of the stress cycles.

ρAn
∂2un

∂t 2 +E In
∂4un

∂z4 = 0 (5.3)

When the submerged monopile accelerates, so too must the seawater surrounding it. This added mass
behaviour is modelled by increasing the mass of the monopile for the submerged part. The added mass can
be calculated with Equation 5.4 [67] where the added mass coefficient Ca is equal to 1.0 [1]

ma =Caρw
πD2

4
(5.4)

The boundary conditions at x = 0 and x = L are defined by Equation 5.5, neglecting the rotational inertia
of the RNA:

u1(0) = ∂2u3
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(5.5)

All the interface conditions have a similar form to the conditions defined in Equation 4.11, except the
shear balance at z = z0. Here, the shear force should balance with the point load F · sin(Ωt ).

The forcing is assumed to be in a pure harmonic form, so the steady state solution to the problem can be
separated in a space- and time dependent part as shown in Equation 5.6. This can be substituted in the above
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stated system to find the governing equations in the frequency domain, for which the equation of motion is
rewritten to in a more convenient form as shown in Equation 5.7.

un(z, t ) =Un(z)e iΩt (5.6)

d 4Un(z)

d z4 −β4Un(z) = 0, β4 = ρsteel An

E In
Ω2 (5.7)

Due to the introduced aerodynamic damping in the system, the solutions have an imaginary and real part.
In order to find the maximum amplitude of the harmonic reactions, the solution should be phase shifted with
a phase angle defined by the arc-tangent of the real part over the imaginary part of the desired solution. Fig-
ure 5.2 shows the real part, the imaginary part and the phase shifted resulting horizontal top displacement to
a 1 meter high unit wave for a range of frequencies. It shows that in the resonating frequencies, the imaginary
part will become dominant. This is due to the fact that the motions become highly damping controlled in
this frequency areas.

Figure 5.2: Top Left: Real Part, Top Right: Imaginary Part, Lower: Phase Shifted Solution
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5.2. Wave Forcing and Influence of Wave Frequency
To find the magnitude of the wave forcing the exponentially decaying inertia component of the Morison wave
forcing (as stated in Equation 2.11 and 2.21) is integrated from z1 −0.5λ to z1, as the influence of the waves
can be considered negligible beyond half a wave length below the surface [44]. It is well-known that the mag-
nitude of wave forcing at the waterline increases for an increasing wave frequency as the acceleration of the
particles increases [44]. In a fully inertia dominated system, this force increase will be quadratic. However, an
important hydrodynamic factor that is often forgotten is the decay of influence depth (0.5λ) with increasing
wave frequency, which is also exponential. Figure 5.3 shows the inertia force at the waterline, the influence
depth of the waves and the total integrated force for a range of wave frequencies. It shows that the two factors
cancel each other out and the total forcing stays constant with wave frequency. The vertical acting location
of the forcing, however, does change with frequency affecting the resulting overturning moment.

(a) Force at Waterline

(b) Influence Depth

(c) Total Integrated Force

Figure 5.3: Influence of Wave Frequency

This finding can also be analytically proven as shown in Equation 5.8 by taking the integral of the inertia
forcing in parametric form. It shows that the forcing is independent of wave frequency.∫ λ

2

0
Au̇d z =

∫ λ
2

0
Aω2e−kz d z =

∫ λ
2
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2π
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z 2πg
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g A (5.8)

Where: A = H
2
π
4ρwCmD2 sin(Ωt )
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5.3. Analytical Model Validation using Ansys
The same full monopile-tower geometry as shown in Figure 3.3 was used to validate the analytical model in
Ansys. Figure 5.4 shows the top displacement comparison between the Ansys and Maple model. It shows
that the first natural frequency shows great resemblance and the order of magnitude of the first peak is equal.
The quite significant difference in the second natural frequency can be explained by the fact that the an-
alytical model consists of two parts, whereas the Ansys full geometry consists of a continuously changing
geometry over height. The largest differences in geometry(and thus in bending resistance) is therefore more
pronounced in the middle part of the structure, which influences the first natural frequency less than the
second. The figure shows that the second resonance peak occurs at approximately 0.75-0.85 Hz. This means
that this peak will not coincide with the realistic exciting frequencies as marked in the Figure 5.4. Therefore,
it is assumed that the system will only be excited in its first mode by the waves.

Note: The aerodynamic damper is modelled as a moving body to a fixed point connection as shown in Fig-
ure 5.1. Therefore the damper doesn’t follow the rotations of the top part and will underestimate the damping,
especially in the second mode. The second mode is, however, not important in the current analysis as the figure
shows that it will not be excited by the main forcing component being the wave forcing.

Figure 5.4: Comparison of the Ansys and Maple models

Ansys is also used to find the free decay response to an impulse force, of which a result is shown in Fig-
ure 5.5 for visualization. This test is used to extract the damping ratio in the system following Equation 5.9.
The damping ratio showed to be relatively independent of the water depth. This is due to the aerodynamic
damping mainly working on the relatively flexible tower part, rather than the stiff monopile foundation. The
damping ratio is equal to approximately 8.5% using the aerodynamic damping found from Equation 5.1.
This value is well in line with industry experiences [81]. An additional 0.5-1% structural damping is typically
added, thus the total damping is an underestimation [81]. However, the aerodynamic damping is assumed
to be present during the entire fatigue analysis at rated rotor velocity, which is an overestimation. In reality
the damping resulting from the rotor is highly complex as it depends on a large number of variables. As the
system damping is highly dominated by aerodynamic damping, other damping forms are neglected for the
purpose of the this study. In Equation 5.9 the amplitudes are both the maxima and minima (half cycle) of the
top displacement.

ζi = 2
ln

(
ampi−1

ampi

)
2π

(5.9)
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Figure 5.5: Free Decay Test Result for Reference Geometry

5.4. Effect of Hydrodynamic Added Mass
With the increasing relative submerged part of the offshore wind turbine system, the effect of hydrodynamics
become increasingly visible. Section 4.4 already showed that the wave forcing becomes highly dominant over
the wind forcing. As stated before, the system showed to be in the inertia dominated regime. Inertia force is
governed by the acceleration of mass. When the monopile accelerates, the mass of the fluid surrounding it
must accelerate as well. The calculation of this added hydrodynamic mass is done following Equation 5.4.

Figure 5.6 shows the top displacement of the wind turbine for two monopiles designed for a 0.17 Hz first
natural frequency in 80 meter and 120 meter water depth. For both geometries the analysis is run with and
without added hydrodynamic mass for the submerged part.

Figure 5.6: Effect of Hydrodynamic Added Mass

Inertia force is related to the acceleration of mass. The submerged part has more pronounced acceleration
in the second mode than in the first mode. Therefore, the second mode is affected far more significantly in
comparison with the first mode reaction. The addition of added mass will, however, still not cause the second
mode to be activated by the present wave frequencies or the 1P and 3P.
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5.5. Fatigue Calculation Method
The maximum resulting bending stress cycles due to the wave forcing for different frequencies can be found.
As the forcing is fully in the inertia dominated regime, the resulting bending stress scales linearly with the
wave height (Equation 2.21 shows a linear relation with crest height). Therefore, the stress response can be
plotted against a unit wave of 1 meter wave height to find the response to all important fatigue waves. The
change in waterline due to wave height is considered negligible for the fatigue inducing waves. The bending
stress can be found using Equation 5.10, where the environmental safety factor (γe ) is equal to 1.0 [25]. The
wave spreading factor (γs ) is set to 0.85, which is the average wave spreading factor for the Northern North
Sea. Here the overturning moment (M) can be found using Equation 4.23 and W is the elastic section modu-
lus.

σx = M

W
γeγs (5.10)

Figure 5.7 shows the bending stress to frequency response functions of the 0.17 Hz and 0.20 Hz design
frequency geometries for a water depth of 60 and 120 meters. It shows that the difference in resulting bend-
ing stress is limited and the resulting bending stress is therefore considered independent of water depth. The
0.17 Hz target frequency geometries show higher response and will therefore have a lower fatigue life. The ge-
ometries designed for loose and dense soil also showed a difference of less than 5%. Therefore, the resulting
’stress frequency response functions’ (SFRF) are assumed to be valid for both the water depth and soil type
range.

(a) 0.17 Hz (b) 0.20 Hz

Figure 5.7: Bending Stress to Frequency Response Functions, where red is 60 meter water depth and black is 120 meter water depth

To find the total fatigue life for the 25 year design life of the foundations, wave data of the reference loca-
tion is required. A scatter diagram of significant wave height and spectral peak period at Buchan Deep for the
period 1958 - 2010 (53 years) is obtained from Nora10 hindcast data [54] and shown in Figure 5.8. The dura-
tion of each given sea state is 3 hours, as this is the reference period for a sea state to be normally considered
stationary [80]. As the bins of the peak period and wave height are 1 second and 1 meter respectively, the ac-
curacy is limited. Especially for the peak period this can yield a large error due to the relatively large dynamic
amplification differences as shown in Figure 5.7. However, as each wave states needs at least 3 hours to be
considered stationary, it is very difficult to acquire more specific data. For the fatigue analysis all calculations
are thus done with the average of the bin (e.g. 3.5 seconds for the 3-4 second bin).
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Figure 5.8: Scatter Diagram of significant wave height (Hs ) and spectral peak period (Tp ) at Buchan Deep for the period 1958 - 2010 (53
years). Duration of sea state is 3 hours.

Assuming that the fatigue damage accumulates linearly with the number of stress cycles, stress cycles with
a constant stress range (∆σ, equal to two times the stress found from the stress frequency response functions)
can be related to the number of cycles to failure (N f ) using Wöhler’s equation [25]. This number can be found
on so called S-N curves, which give the number of cycles to failure for given stress ranges and different mem-
ber types [22]. These curves (as shown in Figure 5.15) consist of two slopes defined by material parameters
m = 3 and m = 5 for the upper and lower region respectively. If the magnitude of a stress cycle is above the
given stress limit at 1 million cycles, the m = 3 curve is used. If the stress magnitude is below this value, the
m = 5 curve is used. The equation for the number of cycles to failure (N f ) can than be given by Equation 5.11,
where log ā is the intercept of the log N axis and the S-N curve.

N f = ā(∆σ)−m (5.11)

Standards dictate the use of the D-class S-N curve for piles [22]. Industry practice suggest, however, that
within the near future higher class SN curves can be used, due to improved welding techniques and stan-
dardization. Therefore, in this analysis the fatigue damage is assessed for a B2 class (weld equivalent to base
material), C1 (grinded circumferential butt weld), and D (circumferential butt weld) S-N curve which are
curves for different weld qualities. The fatigue strength of welded joints is to some extent dependent on plate
thickness, due to the local geometry of the weld toe in relation to the thickness of the adjoining plates. The
stress cycles are modified for the C1 and D curve with a so called thickness factor given by Equation 5.12 [22].

γt =
(

t

tr e f

)k

(5.12)

Here t is the wall thickness of the monopile and tr e f is the reference thickness, which is equal to 32 mm
for tubular joints. Table 5.1 show the log ā and thickness exponent k for the three different S-N curves. As
S-N curve B2 represents an equivalent weld quality to the base material, it is not affected by plate thickness
differences and the thickness factor is not required.

Table 5.1: log ā and thickness exponent k

SN curve log ā(m = 3) log ā(m = 5) k
B2 14.685 16.856 -
C1 12.049 16.081 0.10
D 11.764 15.606 0.20

The fatigue damage (D) is hereafter predicted using the Palmgren-Miner summation [22]. Assuming a
narrow-banded wave spectrum where the number of stress cycles (ni ) over a given time are inversely related
to the peak wave period, the fatigue damage can be simplified as shown in Equation 5.13. Here, tl i f e is the
25 year lifetime in seconds and P is the probability of occurrence of the assessed wave state as found from
Figure 5.8.
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D =
nwavestate∑

i=1

ni (∆σi )

N f ,i (∆σi )
≈

nwavestate∑
i=1

tl i f e Pi
( 1

T

)
ā · (∆σ)−m (5.13)

DNVGL-RP-C203 dictates that the total fatigue over the design life of the structure must be factored by
a design fatigue factor (DFF), which varies from 1 to 3. Following the code, a factor of 2.0 may be used in
atmospheric or submerged zones if an inspection plan is established with documented inspection method
and sufficient inspection intervals. For this fatigue analysis, it is assumed that such an inspection method is
established and a DFF of 2.0 is adopted. However, the range of DFF (1-3) is rather large and as it is a linear
multiplication factor, a DFF reduction from 2.0 to 1.0 would result in half the accumulated fatigue damage.
Solutions to reduce the DFF close to 1.0 are a recommended topic of further research.

5.6. Operational Loads
With the significant increase of power rating of offshore wind turbines, the dimensions and masses of the
moving components also increase. The motions of these components in combination with the environmen-
tal loading cause so called operational loads to the system. This section assesses a set of expected operational
loads and estimates the order of magnitude of these forcing components.

5.6.1. 1P Loading: Mass Imbalance
As shown in Figure 3.2, the system is subjected to a cyclic loading with a frequency in the rotational frequen-
cies or 1P frequency range. The main source of this forcing is the rotor mass imbalance. As the magnitude of
this forcing depends on the extent of the imbalances, it is difficult to assign an exact number to this. In this
section an estimation is given for the fore-aft bending moment in the monopile caused by the mass imbal-
ance and rotor overhang.

The mass imbalance (Im) is modelled as an additional mass (m) at a distance (R) from the centre of the
hub. This mass causes an extra centrifugal force (Fc f ), which can be calculated using Equation 5.14 [4].

Fc f = ma = mRΩ2 = ImΩ
2 (5.14)

This centrifugal force is translated to a bending moment in the system using Eqation 5.15. Where b is the
rotor overhang equal to 11.59 m.

M1p = Fc f b (5.15)

To estimate the fatigue induced by a possible mass imbalance, the resulting moment from the centrifugal
force is taken and the recurring stress cycles are calculated. As data on mass imbalance is scarce, available
upper boundary mass imbalance values for the Siemens SWT-107-3.6 turbine are scaled up to the reference
15 MW dimensions as shown in Equation 5.16 [4, 73], where M and D are the rotor mass and diameter of the
reference (15MW ) and Siemens (SW T −107) turbine respectively.

Im,15MW = Im,SW T−107 · M15MW

MSW T−107
· D15MW

DSW T−107
= 2000 · 195

95
· 240

107
= 9208kg ·m (5.16)

Figure 5.9 shows the bending cycles resulting from the rotor mass imbalance at rated rpm for all opti-
mized monopile geometries. It shows that the magnitude of these bending cycles is very small. Even though
it is a very frequently recurring stress, it can be considered negligible with respect to the wave induced bend-
ing stress cycles. Typically, the SN curves used to calculate accumulated fatigue damage start at a stress range
threshold of 10 MPa, which is not reached for the 1P mass imbalance loading cycles. Also, the selection of the
target first natural frequency is sufficiently far away from the 1P frequency region to avoid dynamic amplifi-
cation.

Generally, larger rotors rotate at slower RPMs than smaller turbines. The centrifugal force and thus bend-
ing stress cycles scale quadratically with the rotational velocity. Therefore, it can be expected that the relative
share of the 1P forcing due to mass imbalance reduces for larger turbines. Also, the precision of the blade
manufacturing process can be increased by new developments, which also reduces the centrifugal forcing
imbalance.
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Figure 5.9: 1P Loading cycles for All Optimized Monopiles

5.6.2. 3P Loading: Blade Passage and Tower Shadowing
As shown in Figure 2.2, the wind produces a varying drag force over the height of the turbine tower. When a
turbine blade passes the tower (i.e. it points downwards) the flow downwind of this blade is disturbed and the
drag on the tower is decreased for a short period, which is called load loss [4]. The frequency of this load loss
is three times the rotational velocity (1P), which is equal to the 3P or blade-passing frequency. The magnitude
of the stress cycles caused by the drag loss is estimated using the ratio between the blade loading area and the
tower loading area. The drag force on the covered part of the tower is taken to be zero.

Equation 5.17 gives the 3P drag loss moment amplitude at the virtual fixation point from which the bend-
ing stress cycles are calculated. Here, the loading surface of the blade (Abl ade ) is 440 m2 and the loading
surface of the tower (Atower ) is 990 m2. Mdr ag is the overturning moment caused by the drag force on the
turbine tower from z = zhub −Rr otor to z = zhub .

M3P = RA Mdr ag = Abl ade

Atower
Mdr ag (5.17)

Figure 5.10 shows the bending stress cycles caused by the drag loss of the tower during cut-out wind
speed velocities. This is the maximum mean wind velocity under which the turbine will be operating, which
will result in the largest drag loss on the turbine tower. The figure shows that the bending stress cycles stay
below 8 MPa and are therefore considered negligible with respect to the wave induced stress cycles.

Figure 5.10: 3P Loading cycles for All Optimized Monopiles
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The presence of the turbine tower also alters the local wind field. For an upwind turbine tower the blades
will encounter a reduced wind speed when passing the tower. This will in turn lead to a cyclic reduction in
thrust, fluctuating with the blade passing frequency [75].

The equivalent wind speed accounting for tower shadow (ueq,t s ) can be found by Equation 5.18 [75]. It
should be noted that thrust reduction only occurs on the blades rotating into the lower half of the swept area.
The thrust fluctuations are expected to be the largest around the rated wind speed, as the rotor thrust curve
is the steepest around this point (Figure 2.5).

ueq,t s (t ,θ) = u0a2

3(R − r0)

3∑
n=1

(
r0

r 2
0 sin2θn +b2

− R

R2 sin2θn +b2

)
(5.18)

a = Tower Diameter ( 4 m)
R = Rotor Radius (120 m)
r0 = Hub Radius (3.75 m)

θn = Location of Blade n (θ+n · 2π
3 )

b = Rotor Overhang (11.59 m)

The Equation is used to produce an equivalent wind speed plot for a full rotor rotation during rated wind
speed conditions as shown in Figure 5.11

Figure 5.11: Equivalent Wind Speed for Full Rotor Rotation

This equivalent wind speed drop results in a total thrust force fluctuation of approximately 0.1 MN follow-
ing the rotor thrust curve. As the thrust is only lost on 1 of the 3 blades, this is a fluctuation of approximately
33 kN recurring at blade passing frequency. This fluctuation results in bending stress cycles for the optimized
monopiles as shown in Figure 5.12. The magnitudes of these cycles can again be considered negligible with
respect to the wave induced bending stress cycles.

Figure 5.12: Tower Shadowing Induced Bending Stress Cycles
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5.6.3. Turbulence Induced Thrust Fluctuations
In order to assess the validity of the assumption that the wind induced fatigue damage can be neglected, the
maximum bending stress cycles due to turbulence induced thrust variations are estimated and compared
with the wave induced bending stress cycles. The maximum fluctuation in thrust is expected to happen due
to variations in wind speed around the rated wind speed. As shown in Figure 2.5, the variation of the rotor
thrust for variation in wind speeds is the largest in this area.

The maximum expected wind speed fluctuation at hub height during rated conditions is taken as the dif-
ference between the mean rated wind speed at the hub (10.59 m/s) and the extreme operating gust (EOG)
as calculated following Equation 2.2, which is equal to 14.68 m/s. The difference in thrust due to this gust is
extracted from the curve as shown in Figure 5.13. In reality, this is an overestimation as the control system
won’t be able to pitch the blades instantaneously and additionally the total variation in thrust will be reduced
due to the blades load shedding capacity (which increases for larger turbines).

Figure 5.13: Rotor Thrust Fluctuation Estimation

The figure shows that the variation in rotor thrust is approximately 0.9 MN. This thrust force variation
is transferred to a bending stress at the virtual fixation point of the monopiles. All the bending stress cycles
resulting from the maximum expected thrust fluctuation are plotted for all the geometries in Figure 5.14.

Figure 5.14: Extreme Operating Gust Induced Bending Stress Cycle

The figure shows the maximum expected stress cycles due to thrust fluctuation. Hence, all thrust induced
bending stress cycles will stay below this value. The typical period of a turbulence in the Kaimal spectrum is
1 to 10 minutes [4]. The total accumulated fatigue damage resulting from the maximum expected thrust fluc-
tuation induced bending stress cycle (48 MPa) with a return period of 1 minute (which both, again, are an
overestimation) still only results in a worst case additional 3.5 % in the fatigue unity check.
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Therefore, the neglecting thrust fluctuations on the fatigue damage is considered valid for this research.
For the turbine tower design, however, the accumulated fatigue due to thrust fluctuations is of importance. It
is also observed that the maximum wind induced bending stress cycles decrease for increasing water depth.
This is in line with the earlier found results: the resistance against failure of the system is increasingly used to
withstand hydrodynamic loading rather than aerodynamic loading. This can be explained by the difference
in relative increase of forcing arm. For example, when the water depth increases from 10 to 20 meters, the
hydrodynamic forcing arm approximately doubles, whereas the aerodynamic forcing arm only increases by
a factor of 1/17. In other words, the hydrodynamically induced bending stress increases significantly faster
with increasing water depth than the aerodyanmically induced bending stress.

5.7. Fatigue Analysis Results & Conclusions
As shown in Figure 5.7, the fatigue damage is assumed independent of water depth and therefore only two
fatigue analyses are required. In order to account for the dependence on thickness variation for the C1 and D
graded welds, the minimum and maximum wall thickness at the base over the entire water depth range are
substituted in Equation 5.12.

Using the wave scatter diagram provided in Figure 5.8, the total fatigue damage over the design lifetime
of 25 years. Figure 5.15 shows the different S-N curves for steel in seawater in cathodic protection. The graph
show the number of cycles to failure on the x-axis for a given stress range on the y-axis. It clearly shows that
the D-curve allows a significantly lower number of cycles to failure than the C1 and B curve.

Figure 5.15: SN curves for steel in seawater with cathodic protection [22]

Combining the wave data with the S-N curves, the analysis can be ran for the two target frequency monopile
geometries. The accumulated damage unity checks over the design life are shown in Table 5.2. This check
must stay below 1.0 to pass the fatigue analysis checks.

Table 5.2: Results of FLS analysis

SN curve 0.17 Hz 0.20 Hz
D 19.64-22.46 0.15-0.25
C1 6.23-6.68 0.03-0.04
B2 0.41 0.00
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Table 5.2 shows that the geometries designed for 0.20 Hz first natural frequencies have very high resis-
tance against the fatigue waves at the reference location, whereas the monopiles designed for a 0.17 Hz first
natural frequency fail the unity check for two of the three selected S-N curves. The lower resistance against
fatigue damage is not only due to the higher acting stress cycles as shown in Figure 5.7, but also due to the
fact that the probability of waves with a frequency close to the first natural frequency of 0.20 Hz frequency
(equal to 5 seconds) is significantly lower than the probability of waves with a wave frequency close to 0.17 Hz.

This implies that the fatigue life of the system is highly locality driven. In general more ’open’ waters have
longer wave periods as their fetch is longer, providing more time for waves to build up [44]. In order to assess
the effect of a different more open location, the entire scatter diagram was shifted a wave period of 0.5 and
1 second higher. Table 5.3 shows the results of this analysis for the 0.17 Hz target frequency monopiles. The
results show a significant decrease in fatigue damage, underlining the necessity of proper metocean analysis
for each different project location.

Table 5.3: Results of shifted FLS analysis

SN curve + 0.0s +0.5 s + 1.0 s
D 19.64-22.46 15.17-17.53 8.33-9.69
C1 6.23-6.68 3.29-3.57 1.99-2.16
B2 0.41 0.27 0.16

Summarizing, the full analysis showed no strict technical limitations for extending the usage of monopile
foundations over the full target water depth range. However, in order to pass all conducted structural checks
a substantial amount of steel tonnage is required. The total overall weight increases significantly with respect
to today’s monopiles which already support 11-13 MW wind turbines. This shows the need of solutions to
either extend the technical feasibility of the conventional monopile or the design of a working novel support
structure for the target depths with reduced steel usage.



6
Alternative Solutions

The results of the technical feasibility analysis for monopile foundations in deep waters showed no tech-
nical show-stoppers for the selected reference location and wind turbine, provided that sufficient steel is
used. However, as the energy industry is a highly competitive market, it is key to keep energy prices as low as
possible. Monopile foundations have been a major contributor to the cost reduction of offshore wind energy
over the years. Additionally, with the increasing water depths, the relative share of foundation costs in the
overall expenses grows and small cost reductions in the foundation design can thus have a larger impact on
the final price of energy.

Figures 4.12 and 4.13 show the total steel usage for the assessed monopile geometries over water depth.
The figures show a non-linear increase of required steel mass for an increasing water depth and an increase
of required steel mass for increasing first natural frequency. Table 4.3 shows that, the only monopiles passing
both the ULS and FLS checks are the stiffest foundations (0.20 Hz). The required stiffness is in direct relation
with the high usage of steel, making them relatively more expensive. Since, typically, steel usage reduces for a
decreasing first natural frequency, ideally an as low as technically possible first natural frequency is desirable.

This Chapter will propose alternative solutions based on the results of Part 1 of this thesis, which are
aimed at bringing down the overall steel usage. Accompanying high level results of the proposed modifica-
tions will also be presented in this Chapter. The solutions assessed are listed below:

1. Usage of a higher steel grade

2. Increased (localized) damping

3. Improved weld quality

4. Novel hybrid concept foundation.

6.1. Higher Steel Grade: S420
The monopiles designed for the lowest first natural frequency (0.15 Hz) showed not to be technically feasi-
ble at the chosen reference location. Figures 4.8 and 4.11 showed that both ULS checks failed for practically
the entire selected target water depth range. Hence, the FLS check was not required to assess the technical
feasibility of these monopiles. In order to pass the conducted ULS checks, either the overturning moment
resulting from the ultimate wave forcing must reduce or the yield resistance of the selected material must
increase. As the reduction of hydrodynamic loading (by perforating the monopile) is a topic under simulta-
neous investigation for Sif and DOT BV [79], the current study will only focus on the effect of increasing the
yielding capacity of the steel. The feasibility of the use of higher grade steel types in the monopile fabrication
process is confirmed by Sif [51].

52
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The steel type primarily used in Sif’s monopile fabrication process is S355ML of which the wall thickness
dependent yield strength properties are listed in Table 4.1. According to Sif [51], the next steel grade appli-
cable to use in the monopile fabrication process is S420 steel, of which the wall thickness dependent yield
strength properties are listed in Table 6.1 [21].

Table 6.1: Specified Yield Strength of S420 for different wall thicknesses [21]

Wall thickness [mm] Yield Stress [MPa]
3 - 50 420

50 - 100 390
100 - 250 365

The ultimate limit state analysis as described in Chapter 4 is re-run while the steel grade is changed from
S355ML to S420 for all steel cans. Figures 6.1 and 6.2 show the comparison of ULS results between the two
steel types over the target water depth range.

Figure 6.1: Von Mises Stress Unity Check for Different Structural Steel Grades

Figure 6.2: Global Buckling Unity Check for Different Structural Steel Grades

The results show that, as expected, the adaption of higher grade steel significantly improves the resis-
tance against ULS failure for the monopiles designed for a 0.15 Hz first natural frequency. The decreasing
trend in unity check is a result of the relative increase of monopile length in the total system length. Due to
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this increasing share, varying the slenderness of the monopile can be done in a more controlled fashion while
keeping the first natural frequency close to the set target frequency.

Typically, designers aim to minimize the usage of higher-grade steel types as their cost per ton is higher.
The revised ULS results show that the monopiles have increasing tolerance with respect to the set unity check
limit for water depths over 80 meters. This means that for these monopiles, a combination of S355ML and
S420 steel plates can be used in order to reduce the overall costs [51].

Since the revised 0.15 Hz target first natural frequency monopiles now pass both ULS checks for the ma-
jority of the selected target water depth range, a fatigue limit state analysis for these geometries is required
to ensure technical feasibility. The fatigue analysis procedure is explained in Chapter 5. The preceding fa-
tigue analysis results showed that the variation in bending stress response is limited for increasing water
depth. However, the response strongly depends on the selected first natural frequency of the system. Figure
6.3 shows the bending stress response to a unit wave of 1 meter for increasing wave frequency and the 3 se-
lected target natural frequencies. The figure shows that the trend of increasing bending stress response for
decreasing stiffness also holds for the additional 0.15 Hz stress frequency response function.

Figure 6.3: Bending Stress Frequency Response Function for Different First Natural Frequencies

The wave scatter diagram shown in Figure 5.8 is used to calculate the accumulated fatigue damage over
the design lifetime of 25 years. The accumulated fatigue results for the 0.15 Hz monopiles and three different
weld quality S-N curves are shown in Table 6.2

Table 6.2: Results of FLS analysis for 0.15 Hz monopiles

S-N curve 0.15 Hz
D 132.3 - 207.5
C1 54.9 - 68.0
B2 0.96

The results of the fatigue analysis of monopiles designed for a 0.15 Hz first natural frequency show signif-
icantly higher accumulated damage than the previous results for higher first natural frequencies as shown in
Table 5.2. The monopiles fail the check for both the D-grade S-N curve and the C1-grade S-N curve. Hence,
following the DNV standard the monopiles are not resistant against the fatigue damage [22]. For the B2-grade
S-N curve, which represents welds with properties comparable to the base material, the fatigue analysis check
is just passed.

Following this result it can be be concluded that the adoption of higher grade steel in the design on its
own will not serve as a solution for technically feasible monopile foundations with a reduced amount of steel
tonnage. Even though, the failure on ultimate limit state loading is avoided, the monopiles still fail severely
on the fatigue check.
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6.2. Increased (Localized) Damping
Both the ULS and FLS analysis results showed an increasing probability of failure for increasing slenderness
of the monopile foundation. The ULS slenderness limit was found to be somewhere between a first natu-
ral frequency of 0.15 Hz and 0.17 Hz, whereas the monopiles designed for a 0.17 Hz first natural frequency
were neither resistant against the accumulated fatigue damage following the dictated D-class S-N curve, or
the higher quality weld C1 S-N curve. The adoption of the higher-grade structural steel type S420 in the
monopile design shows to prevent the failure on ULS for a significant part of the selected target water depths
of 60-120 meters for the most slender monopiles. Table 6.2, however, shows that the more slender 0.15 Hz tar-
get frequency monopiles are less resistant against fatigue damage than the previously assessed 0.17 and 0.20
Hz target frequency monopiles. Two solutions to increase the fatigue lifetime of the more slender monopiles
are proposed and evaluated in this and next Section..

Chapter 5 shows that the fatigue lifetime of the monopiles is governed by a variety of external and inter-
nal factors. One of the external factors which varies for each project site is the dominant wave states. Table
5.3 shows that the fatigue damage over the design lifetime reduces significantly for a wave period shift of
the dominant wave states, underlining the importance of reliable metocean data. However, adapting the
monopile to the environment is more realistic than vice versa. Therefore, even though this is a promising
finding for expanding the technically feasible locations for the monopile, this external factor can not be seen
as a fundamental solution for extending the fatigue life of monopiles. The governing internal factors of the
monopile itself were the slenderness of the pile, the total damping in the system and the quality of the crucial
fatigue segments, being the welds around the mudline.

The 3 selected target first natural frequencies of the monopile optimization process are set to assess the
effect of varying slenderness on the technical feasibility of the monopile in deep waters. Increasing the stiff-
ness (up to first natural frequency of 0.20 Hz) shows to be a technically feasible solutions for the usage of the
monopiles over the entire water depth range. However, as this solution requires a significant amount of steel
tonnage, the two other remaining main critical factors (overall damping and weld quality) are investigated
and used to find a solution to increase the fatigue lifetime. First the damping in the system and its variation
will be discussed in this Section and the requirements and effect of higher weld quality will be considered
Section 6.3.

The FLS analysis presented in Chapter 5 assumed constant aerodynamic damping over the entire analysis.
In reality the aerodynamic damping is a highly variable parameter which depends on a large set of internal
and external parameters such as the wind climate, the pitch controller and rotational velocity [81]. Addi-
tionally, due to the relatively low inherent damping of cross-wind tower vibrations, the cross-wind vibrations
caused by wave loading misaligned by wind can decrease the fatigue life even more [78]. Literature implies
that other sources of damping such as structural-, soil- and hydrodynamic damping can be highly uncertain,
ranging from an overall damping ratio of 1-3%, which is also variable over time [12]. A way to extend the
technical feasibility of the monopile structures is by means of structural control, in which external devices
are installed in order to increase the damping and reduce the dynamic response.

The most widely adopted type of structural control of fixed offshore wind turbines in both the industry
and literature is the concept of resonant damping [78]. A variety of resonant dampers like a Tuned Liquid
Damper (TLD) and Tune Mass Damper (TMD) have shown to lead to a reduction of accumulated fatigue
damage over the design life of offshore wind turbines in experiments [13, 15, 52, 67]. Resonant dampers are
the most effective when installed at the location where the absolute motion of the targeted vibration mode is
the largest. As concluded in Section 5.4, waves at the reference site will only excite the system in its first bend-
ing mode. This means that the largest absolute motions will be at the top of the system and the most effective
placement location would be either on top or inside the RNA. Even though TMDs and TLDs show to reduce
the overall structure response, the increased damping is directly associated with large damper motions and
large damper masses. This may result in different complications when installed at the top of a slender wind
turbine, as an increase of top mass is highly undesirable [9]. In order to overcome the installation issues, dif-
ferent forms of passive dampers inside of the tower are proposed in literature such as a toggle-brace-damper
system or stroke amplifying braces [9, 33].
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As the turbine tower is significantly more slender than the monopile itself, the largest absolute motions
are centralized in the tower part. Figure 6.4 shows a displacement trajectory induced by an arbitrary full
forcing cycle of a fatigue wave. It shows that the trajectory follows a ’fish-tailing’ movement, rather than a
classic cantilever beam movement. The wave induced vibrations on the foundations are transferred to the
turbine tower resulting in a whip-like response with significantly larger displacement in the tower than in the
monopile.

Figure 6.4: Displacement Trajectory During Full Fatigue Wave Cycle

Therefore, the introduction of extra damping to reduce the structural response will be increasingly effec-
tive the higher it is localized. To assess the effect of additional damping on the fatigue life, the damping ratio
resulting from the horizontal top damping (originally only caused by the aerodynamic damping equal to ∼
8.5% as found in Chapter 5) is increased with steps of 10% and the fatigue analysis is re-run. The damping
ratio is defined as the percentage of the critical damping as shown in Equation 6.1.

ζ= c

ccr i t
(6.1)

Using this equation, the critical damping of the system can be found. The only introduced damping in
the simplified system is the aerodynamic damping which was found to be equal to 2.1e5 Ns/m. Substituting
the damping ratio of 8.5% and re-writing the equation gives a critical damping of approximately 2.5e6 Ns/m.
Figure 6.5 shows the bending stress response to a unit wave of 1 meter wave height for increasing frequency
and different damping ratios. It shows the response curve flattens quickly between the original damping and
20% damping, hereafter the curve still flattens but the increase of damping ratio is less effective. It can be seen
from Figure 6.4 that while high damping flattens the stress amplification over the resonance frequencies, it
does increase responses at higher frequencies, which means that it will do more damage there than good.

Figure 6.5: Bending Stress Frequency Response Function for Increasing Damping Ratio for the 0.17 Hz Monopiles
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With the resulting bending stress frequency response for increasing damping ratio caused by higher hori-
zontal top damping, the resistance against fatigue damage for increasing damping ratio can be assessed. Fig-
ure 6.6 shows the resulting fatigue damage for the monopiles designed for a 0.17 Hz target frequency. A sharp
decrease of fatigue damage for the C1 and D graded S-N curves up until a damping ratio of approximately
20% is observed. Hereafter, the decrease rate of accumulated fatigue damage slightly decreases. Previous
results show that the FLS analysis for the B2 graded S-N curve already passed the unity check for the origi-
nal damping. The figure shows that a damping ratio of approximately 32% would be required to make the
monopile resistant against fatigue following a C1 graded S-N curve, whereas the dictated D graded S-N curve
fatigue does not come below the limit line. This implies that the 0.15 Hz monopiles are not resistant against
fatigue damage, even with much flattened dynamic amplification. The assessed range of damping already
exceeds the amount of expected technically feasible damping and thus it is concluded that the additional top
damping will not result in fatigue resistant monopile designs following the D graded S-N curve.

Figure 6.6: Accumulated Fatigue Damage for Increasing Damping Ratio for Different Grades S-N Curves

Literature shows modified Tuned Mass Dampers with damping ratios up to 30% [61]. Dampers with this
magnitude of damping along with the additional aerodynamic- and residual damping would yield fatigue
resistant monopiles designs against the C1 graded S-N curve for the monopiles designed for a 0.17 Hz first
natural frequency. However, the resulting increase in top mass due to the installation of a damper will affect
the first natural frequency of the system. As the reference turbine tower is not designed for this mass, its
dimensions would have to be increased in order to ensure structural integrity. Increasing the overall dimen-
sions and thus the mass and stiffness of the turbine tower also strongly affects the resulting natural frequency,
dynamic behaviour and bending moment at the mudline. The design of the turbine tower and its connection
to the monopile is not considered in this thesis. Even without the additional top mass the bending stress
resulting from the curvature in the turbine tower will increase for increasing water depth, this might cause a
required increase of stiffness which will, again, strongly affect the dynamic behavior. To ensure the technical
feasibility of XL wind turbines in deep water the structural integrity against both ultimate and fatigue limit
state is a highly important topic and is therefore a strong recommendation for further research. An estimate
on the estimated accumulated fatigue damage is given Appendix C.

6.3. Improved Weld Quality
Even though the upgrade of steel type from S355ML to S420 as proposed in Section 6.1 enables the most
slender monopiles of the assessed first natural frequency range to pass the ULS check, Table 6.2 shows that
they fail the FLS check for the code recommended S-N curve. Recently a lot of research has been done or
is currently ongoing on the validity of the dictated S-N curves. Research that compares experimental results
with the dictated S-N curves suggests that the curves can be very conservative in specific situations [? ].
Additionally, the DNV code states a so called ’thickness effect’ for circumferential welds, which is the weld type
present in the monopiles [22]. A joint interdisciplinary research project including the University of Stuttgart
and Dillinger is currently aiming to include the reassessed S-N curves in the revised Eurocodes, (roughly)
expected to be released in 2024 [18]. This Section will elaborate on the thickness effect and assess its impact
on the technical feasibility of the monopiles. Hereafter, the possibility and effects of adopting higher class
S-N curves is discussed in more detail.
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6.3.1. Thickness Effect
A vast amount of experimental investigation show that, in general, the fatigue resistance decreases with in-
creased size of specimens. This phenomenon, called the thickness effect or size effect, is observed for both
machined and welded specimens [63]. Typically, this effect is accounted for by a correction factor. In this
thesis this is done via the thickness effect factor given by Equation 5.12. The thickness effect is considered to
consists of 3 sub-effects listed below. Each sub-effect will be explained separately.

1. Geometric size effect

2. Statistical size effect

3. Technological size effect

The geometric size effect accounts for two issues that worsen the fatigue resistance for thicker plates.
Firstly, when a joint becomes thinner the stress gradient will become steeper as visualized in Figure 6.7. This
means that t1 < t2 will result in σ1 < σ2 for an equal nominal stress. Secondly, the scale of the weld toe will
not scale linearly with the increasing plate thickness. It could be stated that the radius of the weld toe will
remain constant regardless of the size of the joint plates. Therefore, a thicker joint will result in a smaller toe
radius to plate thickness ratio and the concentration of stress on the joint will increase.

Figure 6.7: Geometric Size Effect [14]

The statistical size effect refers to the larger probability of a crucial defect in a larger volume of mass. For
welded joints this sub-effect is governed by the length of the weld.

The technological size effect accounts for the change in manufacturing conditions when increasing the
size of the structures, for example, the requirement of multiple weld passes compared to a single pass or a
few passes. It also refers to the difference in residual stress, surface roughness and micro-structure [38].

The analysis of the most relevant experimental results showed very low thickness dependency, with thick-
ness correction exponents of k = 0.01 whereas the correction exponents of the C1 and D curve are k = 0.10
and k = 0.20 respectively (Table 5.1). When the suggested conservative correction exponents are set to zero,
the accumulated fatigue following C1 and D graded S-N curves significantly decreases. As the B2 graded curve
is already independent of wall thickness, the damage for this curve will remain unchanged.

Figure 6.8 shows the FLS results for the 0.17 Hz monopiles along with the reduced thickness effect results.
As expected, ignoring the thickness effect impacts the fatigue damage following the D curve the most (due
to its higher original correction exponent). Even though the accumulated fatigue is significantly reduced, the
result does not directly lead to fatigue resistant monopiles for the dictated D curve. For the C1 graded curve an
additional 11.5% damping ratio is required to pass the check. The before-mentioned joint research project
plans on investigating the thickness effect for thick walled plates. As the current standards are calibrated
on a plate thickness of 35 mm [22], which significantly differs from wall thicknesses present in modern day
monopile designs.
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Figure 6.8: Reduced Thickness Effect

6.3.2. Higher Grade S-N Curve
Currently the status quo of dictated S-N curves following standards reads the use of the D-grade S-N curves
for regular butt weld circumferential welds, as used in the monopile fabrication process. Analysis of experi-
mental data compared to the D-grade S-N curve confirms that this status quo is approximately correct [? ].

The weld toes that develop during the welding process cause a concentration of stress. To reduce this
stress concentration, the fabricator can grind the welds to plate level if required. Following the standards,
this allows the designer to increase the S-N curve grade from D to C1 graded S-N curves. Figure 6.8 shows
that this already has a significant impact on the fatigue life.

The comparison of experimental fatigue data for steel specimens in air with the C1 graded S-N curve,
however, suggests that this curve grade is very conservative. Figure 6.9 shows the characteristic S-N curve,
which is the C1 curve, and the best fitted line for slope parameters m = 3 and m = 5. The results from this
research suggest that the so called FAT class (which is the name convention in the Eurocode) could increase
from 127 to 171 [? ]. This is equivalent to an increase from C1 to B2 graded S-N curve following the DNV code
[22]. As this research is conducted for steel in air, whereas the monopiles follow the S-N curves for steel in
seawater with cathodic protection, additional research is required to verify this trend in these conditions.

Figure 6.9: Experimental Fatigue Data versus C1 S-N Curve in Air
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It is expected that the revised Eurocode, which are likely to be released around 2024, will adopt a new
look on the dictated S-N curves [18]. If it is proven and standardized that the fatigue class can be upgraded
to B2 graded welds, Table 5.2 shows that the 0.17 Hz monopiles will be resistant against fatigue for the given
conditions. This will lead to an overall steel reduction with respect to the monopiles found to be technically
feasible up until now over water depth as shown by Figure 6.10. It shows a wide spread of potential mass
reduction, strongly dependent on the soil type.

Figure 6.10: Total Mass Reduction of 0.17 Hz Monopiles with respect to 0.20 Hz Monopiles Using B2 Graded S-N Curve

Table 6.2 suggests that the monopiles optimized for a 0.15 Hz first natural frequency also just pass the
FLS check using a B2 graded S-N curve. Hence, when the higher grade steel as explained in Section 6.1 is
combined with the B2 graded S-N curve, even higher steel reductions can be achieved. Figure 6.11 shows this
reduction in overall steel usage for the 0.15 Hz monopiles. Due to the sharp increase of required mass as seen
in Figure 4.12, the relative percentage of the monopiles optimized for loose soil grows significantly and up to
35% steel reduction can be achieved in 120 meter water depths.

Figure 6.11: Total Mass Reduction of 0.15 Hz Monopiles with respect to 0.20 Hz Monopiles Using B2 Graded S-N Curve
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6.4. Hybrid Novel Concept
The solutions to expand the technical and herewith financial feasibility of the monopile as assessed in this
Chapter thus far focused on critical parameters in the system without modifying the fundamental working
principle of the monopile foundation concept. Even without modifications, no technical limitations were
found for the conventional monopile in the target water depth range, provided that enough steel is used.
Additionally, the required steel usage can potentially be reduced with earlier proposed solutions. However,
it cannot be ruled out that one or several aspects still limits the use of monopiles in deep water. Therefore,
a new foundation concept is developed that addresses the most likely limiting factors, namely the crucial
bending moment at or below the mudline (or in the turbine tower) and the accumulated fatigue damage at
the mudline. This foundation concept combines the main benefits of the monopile (manufacturability and
installability for the assessed water depth range) with the developed knowledge on floating support struc-
tures aiming to reduce overall steel usage.

Currently, many researches strive to find a solution to capture the high quality wind potential of deep
waters. The ongoing developments in the offshore floating wind industry has resulted in numerous floating
support structure concepts, with a strongly varying Technical Readiness Level (TRL). The prototype test sites
of the Hywind project showed promising results for SPAR-type structures. Whereas semi-submersible type
based floating support structures have also seen great acceleration in development. However, as discussed
in Section 1.4, floating support structures are currently relatively costly and will start becoming increasingly
financially attractive for water depths beyond the assessed target range. Additionally, the installation of SPAR-
type concepts require significant free draft, also reaching beyond the target water depth range assessed in this
thesis. The mooring of semi submersible based concepts is very challenging in water depths up to 100/120
meters due to the required horizontal spacing of the mooring lines. The proposed concept aims at omitting
the latter issue by replacing the mooring lines with a monopile-based foundation.

6.4.1. Concept Description
To accelerate the development of floating wind structures, the International Energy Agency (IEA) provided
an accompanying reference floating support structure developed by UMaine along with the chosen 15 MW
reference turbine [2]. Figure 6.12 shows a render of the turbine and floating foundation. The dimensions and
adopted reference coordinate system are given in Appendix B and the main semi-submersible properties are
listed in Table B.1

Table 6.3: Semi Submersible Platform Properties [2]

Parameter Value Units
Hull Displacement 20,206 m3

Hull Steel Mass 3,914 t
Tower Interface Mass 100 t
Ballast Mass (Fixed/Fluid) 2,540/11,300 t
Draft 20 m
Freeboard 15 m
Vertical COG from SWL -14.94 m
Vertical COB from SWL -13.63 m
Roll Inertia about COG 1.251E+10 kg-m2

Pitch Inertia about COG 1.251E+10 kg-m2

Yaw Inertia about COG 2.367E+10 kg-m2
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Figure 6.12: The UMaine VolturnUS-S Reference Platform Designed to Support the IEA-15-240 OWT System Definition. [2]

The idea of the presented novel concept is to replace the catenary mooring system as shown Figure 6.12
with a monopile and universal joint. A universal joint is a type of hinge that is free to rotate in two degrees
of freedom (in this case pitch and roll) and transmits a moment in the third rotational degree of freedom
(yaw) [8]. Additionally, all translational displacements (surge, sway and heave) are restricted at the joint. This
way, the mooring of the floating support structure does not require any horizontal spacing. The increased
dimensions of the platform close to the waterline with respect to the conventional monopile result in a larger
hydrodynamic forcing and thus an increase of shear force acting on the joint. However, as all forcing will be
transferred to the monopile through the joint, locating the joint closer to the virtual fixation point will reduce
the arm and thus the overturning moment. Additionally, lowering the location of the joint allows for horizon-
tal movement and acceleration of the top part. Following Newton’s second law (force = mass x acceleration
[49]), an inertial horizontal forcing component arises. The magnitude of this forcing component depends on
the total mass (+ added mass) and acceleration, the latter in turn being dependent on the vertical location
of the joint. In order to achieve a reduction of forcing, a suitable balance between these forcing components
must be found.

The freedom in pitch and roll direction will cause an extra restoring moment due to the growing buoyancy
for larger pitching angles. Power production of a wind turbine is related to the angle between the in-flow of
the wind an the rotor plane. This angle, in turn, is dependent on the pitch angle of the floater. Turbine effi-
ciency is expected to significantly reduce for pitch angles greater than 10 degrees [87]. To minimize the effect
of the pitch angle on the power production, the maximum allowed dynamic oscillation pitch during opera-
tion is set at 10°. A visualization of the proposed hybrid concept is given in Figure 6.13.
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Figure 6.13: Novel Hybrid Floating-Fixed Bottom Concept

6.4.2. Reproduction of Reference Platform
The novel hybrid concept is a complex system, involving aerodynamics, hydrodynamics, ship hydro-mechanics
and structural dynamics. Such a complex system can only be effectively analysed using a FEA simulation
suite. There are several software suites available that can be used for analysing floating/hybrid offshore wind
turbines such as OpenFAST and OrcaWave/Orcaflex. However, the ANSYS suite is the only software that is
accessible for the TU Delft students via academic license. Therefore, ANSYS AQWA is used to simulate the
semi-like platform. Prior to application of the developed FEA model to the selected hybrid concept, the
semi-submersible (catenary moored) model is validated and verified against a well-documented and reli-
able reference model, as published by NREL and the University of Maine [2].

The reference model was analysed using a different software package, namely, OpenFAST’s hydrodynam-
ics module, HydroDyn. Frequency-dependent coefficients for the potential flow model were computed using
the boundary-element-method hydrodynamics solver WAMIT v6, which solves the first-order hydro statics,
diffraction, and radiation problems, and then uses the resulting response amplitude operators (RAOs) to com-
pute second-order wave-excitation quadratic transfer functions (QTFs).

Following the selected software package route, the reference platform is modelled in accordance with
the provided reference document. The geometry of the floater is developed using the ANSYS DesignModeler
and imported to ANSYS AQWA. Point masses with corresponding inertia properties were added to simulate
the mass of the turbine tower, RNA and floater. Typically, floating offshore wind turbine towers have higher
stiffness requirements than fixed-bottom configurations because of the increased inertial and gravity loads
resulting from platform motions [2]. The total reference floating turbine tower mass is 1,263 t, which is a sig-
nificant increase with respect to the tower mass of the original reference turbine (860 t). For this analysis, the
stiffer tower is adopted.

A diffraction analysis adopting the 3D panel method is conducted in ANSYS AQWA which can be used to
solve linearized-potential-flow hydrodynamic radiation and diffraction problems in the frequency domain.
This analysis is used to compare the added mass and damping matrix between the AQWA model and the ref-
erence document. The maximum allowed frequency (0.368 Hz) during the analysis is governed by the mesh
properties. As the main wave forcing components are already captured before this frequency, the limit is
considered sufficient for this research. Figures 6.14 and 6.15 show that the comparison of added mass and
damping force entries is in good agreement with the reference floater and the modelling technique is consid-
ered valid. In the presented RAOs the directional convention is as follows: 11, 22, 33, 44 ,55, 66 = Surge, Sway,
Heave, Roll, Pitch, Yaw.
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Figure 6.14: Added Mass and Damping Matrix Entries, UMaine Reference [2]

Figure 6.15: Added Mass and Damping Matrix Entries, AQWA Output

Subsequently, the hydrodynamic diffraction analysis results including the added mass, damping and
quadratic transfer function (QTF) matrices are transferred to the time domain in order to assess the hydrody-
namic response. The reference floater is moored to the seabed at a water depth of 200 meter using a 3-chain
catenary mooring system. The detailed mooring properties and arrangement are provided in Appendix B and
reproduced in AQWA. In naval architecture, the viscous damping (not accounted for in potential flow theory)
is typically a large component of the total hydrodynamic damping of the system [? ]. In the reference docu-
ment, the viscous damping is accounted for by introducing an additional viscous damping matrix calculated
in the CFD software openFOAM. As this software was not available (and known to the student), for this re-
search the quadratic (viscous) damping was approximated by the addition of carefully selected cylindrical
flooded Morison drag elements to the system. Damping ratio analysis of the free decay motions of the floater
shows satisfying resemblance to the reference results.
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To validate the damped hydrodynamic response of the system in the time domain, one translational
(heave) and one rotational (pitch) RAO are compared with the reference document for a wave height of 1
and 8 meter. The selected Airy wave theory in AQWA does not allow for unrealistic (too steep) waves, which
leads to RAOs over a smaller frequency range. Figures 6.16 and 6.17 show that the RAO shapes are very similar
with the resonance peaks at the approximate same frequency. The magnitude of the response at resonance is,
however, over-estimated by the AQWA model especially for the 1 meter amplitude waves. As these excitation
frequencies are not present in the wave climate, the model is assumed to be fit for use in this research.

Figure 6.16: Damped Pitch RAO Comparison between AQWA (top) and reference (bottom)

Figure 6.17: Damped Heave RAO Comparison between AQWA (top) and reference (bottom)
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6.4.3. Vertical Hinge Location
The hybrid concept is tested on the same load cases (rated and parked) as the conventional monopile, with
the environmental data given in Table 2.1. ANSYS AQWA is used to extract vertical and horizontal force reac-
tions at the universal joint during these load cases. As discussed in sub-section 6.4.1, the possible reduction
of forcing of the hybrid concept strongly depends on the vertical location of the universal joint. Additionally,
the resulting stress in the monopile is a combination of the induced axial stress and bending stress resulting
from the vertical and horizontal force component at the joint respectively. Figure 6.18 shows the absolute
maximum horizontal and vertical forcing amplitude at the universal joint for an increasing hinge depth dur-
ing ULS conditions. It shows a sharp linear decrease of maximum horizontal forcing amplitude, whilst the
vertical forcing component increases.

Figure 6.18: Horizontal and Vertical Hinge Force Response for Increasing Hinge Depth

Figure 6.19 shows time series of the pitch response of the reference semi-sub moored with catenary moor-
ing lines and a set of hinged configurations during rated conditions. Too make sure that transient effect from
the start-up of the motions is not present in the time series, a sufficiently long time range is chosen. It shows
that the static pitch angle resulting from the thrust force increases for increasing hinge depth, but stays within
the stated limits. Therefore, the pitch angle will not be a show stopper for this concept. Additionally, the pitch
fluctuation is small, suggesting a stable power production.

Figure 6.19: Pitch Response Comparison for Different Mooring Configurations
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The monopiles designed for a 0.15 Hz target frequency and water depth of 60 and 120 meters (which
previously failed the ULS and FLS checks) are adopted and the forcing components are transferred to stress
components at the virtual fixation point. Figure 6.20 shows the stress response for 0.15 Hz target frequency
monopiles in loose soil for 60 (top) and 120 (bottom) meter water depths with a hinge at 50 meter below the
waterline during ULS conditions. It is concluded that, even though, a phase shift is observed for the 60 meter
water depth monopile, the ULS check is (again) governed by the bending stress. When the hinge depth is
decreased, the horizontal forcing component and the moment arm will increase and thus the bending stress
will become even more dominant.

Figure 6.20: ULS Response of 0.15 Hz Target Frequency Monopiles with a Hinge 50 m Below the Waterline in 60 (Top) and 120 (Bottom)
m Water Depth

To select a suitable joint depth, the vertical location of this hinge is varied between 20 and 50 meter below
the waterline for the assessed monopiles, while keeping the same geometry below this depth. A deeper verti-
cal hinge location is not assessed as it will diverge too far from the original concept. The resulting Von Mises
stress during ULS is determined in a similar fashion to the conventional monopile design and compared with
the initial results. Figure 6.21 clearly shows the increasing reduction of the maximum resulting Von Mises
stress for increasing hinge depth. It also shows that the concept is more effective in shallower water depths
due to the relatively larger reduction of forcing arm.

Figure 6.21: Von Mises Unity Check for Varying Hinge Depth and Water Depth
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6.4.4. Steel Reduction
For the assessment of the potential steel reduction, a hinge depth of 50 meters below the waterline is adopted
(being the most effective location). For this configuration the forces during ULS are extracted and the monopile
design optimization tool is used to optimize the monopiles against the resulting stress. As the natural fre-
quency of the system becomes very complex to determine analytically, this criterion is omitted. However, it
is not expected that the new configuration will lead to a natural frequency that interferes with the present
wave frequencies. The semi-sub has natural frequencies far below the wave excitation frequencies, whereas
the shorter monopiles have a higher first natural frequency than the present wave frequencies. Figure 6.22
shows the total mass of the optimized monopiles with and without the reference platform steel mass (3,914
t). As expected, the monopiles use less steel which is partly due to the reduction of forcing in shallower water
depths, but also largely due to the fact that they are simply shorter.

Figure 6.22: Total Monopile Mass Compared with Previous Results

The optimization and thus the required steel mass of the top part is not included in this study. It is ex-
pected that steel reduction is possible here, as the ’pontoons’ that damp the heave motion are not required
any more due to the restriction of movement in this direction. This optimization is a recommendation for
further research. However, the current results suggest that it is difficult to achieve steel reduction with this
concept with respect to the conventional monopile.

6.4.5. FLS Analysis
To complete the high level analysis of technical feasibility of the novel concept, the optimized monopiles are
tested on their fatigue resistance. As the to-be-displaced volume around the waterline acted on by the fatigue
inducing waves has increased with respect to conventional monopiles, the inertia component of the forcing
becomes even more dominant. For all wave periods present in the wave scatter diagram (as presented in
Figure 5.8), the forcing is extracted for a unit wave height and corresponding stress cycles are calculated. As
the forcing is fully inertia dominated, the resulting force magnitude scales linearly with wave height and the
resulting bending stress cycles can be determined for all wave states in the diagram.

AQWA does not allow for the introduction of local aerodynamic top damping to the system. However, to
account for the aerodynamic damping, rotational damping to the joint equal to the aerodynamic damping
multiplied by the arm between the RNA and the joint is added. This is under the assumption that the tower
is rigid. As the system’s natural frequencies are not close to the excitation frequencies, the motions are not
dynamically amplified and the damping doesn’t have much effect on the motions.
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Similar to the conventional monopile FLS analysis, the fatigue over the 25-year design lifetime of the
optimized conceptual monopiles is tested against a B2, C1 and D S-N curve. Figure 6.23 shows the accumu-
lated fatigue damage in the monopiles for the proposed concept. It shows that similar to the conventional
monopiles, the fatigue damage is practically depth independent. Although the fatigue damage is reduced
with respect to the conventional designs that failed on FLS, the suggested C1 or D S-N curve still lead to a
failure of the FLS check. The adoption of higher weld quality, however, would lead to technically feasible
designs.

Figure 6.23: FLS Unity Check for the Optimized Monopiles

It must be noted that due to the more complex geometry of the proposed concept, it is possible that the
monopile will not be the critical fatigue component of the system. A full fatigue damage assessment of the
top side is recommended after optimization of the floater.



7
Conclusions and Recommendations

In this Chapter the main conclusions drawn from the conducted research are presented. Hereafter, limita-
tions of the analyses are discussed and recommendations for future research are made.

7.1. Conclusions
Since the introduction of the first offshore wind farm in October 1991 the demand for offshore renewable
wind energy has experienced exponential growth all around the world. To supply this demand, the power
rating and corresponding dimensions of offshore wind turbines have grown significantly. Due to the ever-
shrinking availability of easily accessible shallow water sites and the abundance of high quality wind re-
sources in deeper water, the industry is stimulated to come up with innovative, yet cost effective, solutions to
tap into these deep water sites. Where floating and jacket support structures are either difficult to install or ex-
pensive in water depths up to 120 meters, the historically most cost effective support structure, the monopile,
has never been evaluated for these depths. This study is structured and conducted to address the research
questions laid down in Section 1.6 with the following key objective:

"Investigate the technical feasibility of monopile foundations in water depths of 60 to 120 meters for large
wind turbines and determine the critical design parameters for further upscaling."

The paramount conclusion of the conducted analyses is that no technical show-stoppers were found to
use monopiles to support a 15 MW wind turbine in water depths up to 120 meters at the selected reference
site, provided enough steel is used. Strategies to reduce this steel usage showed great potential and the in-
dustry already shows intentions to include some of the proposed solutions into the industry practice

Throughout this thesis, the crucial design parameter is the slenderness of the monopile, assessed by a
range of 3 target first natural frequencies. All monopile designs were within manufacturing limits. However,
for the stiffest (0.20 Hz) monopiles the limits were reached and up-scaling to deeper waters is not possible.
The slenderness not only governs the ULS check, but also the FLS check from the magnitude of resulting
bending stress and more importantly, encroaching of the structural resonant frequency into the frequency
region of most recurring waves.

The overall design-driving ULS load case is dominated by the inertia force resulting from the ultimate
wave during parked conditions. Generally, waves grow higher and longer in deeper waters due to reduced
bottom interaction and open fetch, driving up the ultimate forces. The slenderness limit of the monopile for
the reference site is found somewhere between a 0.15 and 0.17 Hz first natural frequency. The monopiles
designed for a 0.15 Hz target frequency fail the ULS checks, whereas the ones designed for 0.17 Hz do not.
As the reference location is considered to have a very severe wave climate, the ULS results are conservative
for deep water locations with milder wave climate. At these locations the monopiles require less steel to sur-
vive this load case. The soil type has a strong impact on the first natural frequency and required penetration
depth (and thus overall monopile mass), but showed limited effect on the maximum overturning moment.
Adopting a higher grade steel (S420) in the monopile design allows 0.15 Hz monopiles to pass the ULS check
for target depths of 80 to 120 m.

70
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Also the fatigue damage is governed by the slenderness of the monopile. Both the monopiles designed for
0.15 and 0.17 Hz fail the FLS check, while the 0.20 Hz monopiles passes the check comfortably with UCs lower
than 0.25. The lower resistance against fatigue damage for larger slenderness does not only result from higher
bending stress cycles due to smaller dimensions, but also due to the increasing interference with occurring
wave frequencies causing resonance. As operational loading showed limited fatigue damage, it is concluded
that inertial wave forcing-induced bending stress cycles cause most of the fatigue damage. It is found that
the total inertial wave forcing is independent of the wave frequency as the increasing force amplitude is can-
celled out by the decreasing influence depth for increasing frequencies. Likewise, the accumulated fatigue
damage showed to be independent of the water depth as the increase of required structural steel neutralizes
the increase of overturning moment.

As expected, the system is shown to respond highly dynamically to waves near the first natural frequency.
It is observed that the system behaves somewhat differently from a conventional cantilevered beam with an
end mass, mainly in 2 aspects: 1. the tower section is significantly more slender than the heavily strengthened
foundation monopile and 2. the hydrodynamic forcing acts on the monopile (rather than on the top of the
"cantilevered beam"). The wave-induced motions of the monopile are transferred to the turbine tower/RNA,
which in turn transmits a whip-like "amplified" motion back to the foundation, causing a high stress on the
pile base and a complex dynamic interaction between the tower and foundation pile.

The fatigue damage strongly depends on the dominant wave states and most importantly wave periods
and is thus also highly site-dependent. Due to the operating frequencies of the large turbine, the soft-stiff
region (where the target frequencies are) is located within the exciting wave frequencies and resonance is
inevitable. The chosen reference site is somewhat sheltered from the Atlantic by Scottish land mass, which
results in shorter waves compared to open oceans. These wave frequencies interfere more heavily with the
first natural frequency of the system, which makes this reference site relatively conservative with respect to
many other more open sea locations. In the fatigue analysis only the aerodynamic damping is included, ne-
glecting structural, hydrodynamic and soil damping. The increase of damping ratio alone, however, does not
yield additional technically feasible solutions.

Only the stiffest and thus heaviest monopiles designed for a 0.20 Hz first natural frequency passed all
conducted checks. To bring down the steel usage and herewith the costs, the effect of increasing the weld
quality and higher steel grade is assessed. Thanks to the rapid technical and manufacturing advancements,
the use of the B2 grade S-N curve may become an accepted industry practice in the near future, which would
make the monopiles designed for a 0.17 Hz target frequency technically feasible. This would result in a mass
reduction of up to 25% with respect to the stiffest monopiles assessed. If the adoption of higher steel grade
and the B2 graded S-N curve is combined, the monopiles with a 0.15 Hz target frequency become technically
feasible and a steel usage reduction of up to 35% can be realized.

Based on the fundamental limiting factors for monopiles found, also a novel hybrid floating-fixed bot-
tom concept is proposed aiming at steel weight reduction. This alternative comprises a hinged monopile
anchoring a semi-floater supporting a 15 MW wind turbine. The software ANSYS AQWA is used to perform
the hydrodynamic analysis of the semi-like platform in waves based on the potential flow theory by consider-
ing the second-order wave exciting force. In this study, the linearized potential-flow hydrodynamic radiation
and diffraction problems in the frequency domain were firstly solved by adopting the 3-D panel method.
Subsequently, the hydrodynamic coefficients and wave loading data were transformed to time domain as a
system loading input. The quadratic transfer function (QTF) matrices with different frequencies and direc-
tions were adopted for the calculation of slow-drift forces. The non-linear quadratic drag in a real system that
is not included in the potential flow is introduced via careful use of Morison’s elements. The turbine tower
and mooring system are included in Ansys time domain model. The reaction forces at the hinge are recorded
and used for further optimisation of the foundation monopile. This novel concept shows 2 desirable features,
1 moving the system resonance regions out of the forcing excitation zones and 2 decoupling the dynamic
interactions between the aerodynamics at RNA and the hydrodynamics experienced by the monopile foun-
dation. Even though there is no resonant response, the loading is still large due to much increased structural
dimensions around the waterline. Although this novel concept shows promising technical feasibility, it does
add complexity to the system and does not (yet) result in steel reduction.
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7.2. Recommendations
As the research aims to capture highly complex interaction of multiple variables in analytic and paramet-
ric models, several assumptions and simplifications had to be made. This leads to high level results on the
technical feasibility of the monopile and the introduced hybrid concept in deep water. It is key to assess
all possible limiting factors in a detailed manner and this Section will present the recommended topics for
further research. The recommendations are divided into two Sections: general recommendations and rec-
ommendations specifically for the hybrid novel concept.

7.2.1. General Recommendations
• As this research focused on the technical feasibility of wind turbine foundations rather than the wind

turbine itself, a reference turbine and turbine tower were directly adopted. Currently the optimization
of the turbine tower and the foundation pile are two separate analyses, which use each other’s output
to iterate their designs. The turbine tower design is typically governed by aerodynamic induced fatigue
damage. However, with the increasing water depth, significant bending stress response also shows to
be induced by the waves acting on deep water monopiles. It is recommended to assess whether these
extra forces still yield a technically feasible wind turbine tower and connection to the monopile. If more
stiffness is required, the dynamics of the system will be strongly changed and the overall system needs
to be re-assessed. An overarching holistic design approach including both the foundation and turbine
is recommended to reduce the required steel. In this approach also the manufacturability should be
assessed for possible cost reductions.

• DNV standards require the multiplication of the initially determined fatigue damage with a Damage
Design Factor. This factor ranges from 1 to 3 depending on the situation, which is a broad range. For
the monopiles a DFF of 2.0 is dictated, but the exact reasoning remains vague. Possible reduction of
this factor would enlarge the system’s resistance against fatigue and is therefore a recommendation for
further research.

• This thesis focused on the technical feasibility of the monopile. It already stated that cost reduction is
very important in the energy industry. Therefore, financial feasibility is a possible show stopper for the
monopile. Total costs including all components along the full lifetime of the support structure should
be estimated and compared with alternative support structures. The output monopile geometries will
be used by Sif to compare the financial feasibility of the monopile with respect to jacket foundations
in deep water.

• Forces induced by the rotor such as thrust fluctuations or side-side excitation due to mass imbalance
are neglected in this thesis. For a full analysis their effect should be quantified. As resonance with the
rotor frequencies is avoided and the aerodynamic forcing is small with respect to the hydrodynamic
forcing, these effect are expected to be limited.

• An analytical approach to determine the accumulated fatigue damage was used to reduce the compu-
tation time and assess the impact of different variables. A full computational model including com-
ponents such as the variability in magnitude, shear and turbulence of wind forcing, complete (time)
varying damping components and the rotor controller (pitch and torque control and lagging) must be
assessed to check the validity of the analytical approach, which might be conservative.

• In this thesis the effect of different soil types on the system is modelled using equivalent linear springs.
In reality soil reaction is highly non-linear, locality/depth dependent and will also vary over time. Addi-
tionally, the simplification is based on literature on earlier monopile foundations. However, due to the
increased pile diameters, this reaction might be different for the XL monopiles. A full non-linear soil
analysis is required to verify the assumptions or introduce a suitable soil model.

• In the thesis the effects of possible ice are neglected. Ice can cause serious damage to the system and
is potentially present in deep water sites such as the northern North sea. Ice growth on the monopile
increases the loading surface and volume and ice impact can also induce significant forces itself. The
impact of ice occurrence should be assessed.



7.2. Recommendations 73

• Only two load cases are assessed during the thesis (rated and survival). However, a load case that can
cause significant forces is the emergency stop of the turbine. Another load case (DNV DLC 5.1 [25])
should be assessed to quantify this forcing, not only on the monopile but also on the turbine tower and
connection.

• Next to the proposed steel reduction strategies, many alternative solution to increase stiffness without
adding steel weight. can be investigated. A proposed strategy for further research is increasing the
stiffness by means of cross-bracing or sand/grout fill rather than increasing the dimensions.

• The analyses are only conducted for one reference site (Hywind Scotland) with highly severe wind and
wave conditions. It is recommended to run the same analysis for a set of locations and corresponding
environmental conditions to assess the feasible areas of deployment.

7.2.2. Hybrid Floating-Fixed Bottom Concept
• Due to the limited time a reference semi-sub developed for the 15 MW reference turbine was adopted

for the hinged concept. This semi-sub is designed for a catenary mooring system, whereas a different
geometry might be required for the proposed concept. For example, as the heave motions are restricted
and damping in this degree of freedom is this not required, the horizontal pontoons can possibly be
reduced to a bracing connection which could lead to steel reduction. A top part optimization study is
recommended if further feasibility analysis of this concept is pursued in the future. Also optimization
of the exact optimal vertical joint location could be assessed.

• A critical component to the proposed concept is the universal joint. Joints have been used in offshore
practice before, but for different purposes. The technical feasibility and design of such a joint is recom-
mended accounting for the different forces which are expected during the lifetime (e.g. yaw moment,
axial and shear forces).

• Due to the buoyant elements an extra force component with respect to the conventional monopile is
induced on the soil, namely a vertical upward buoyant force. The interaction and required foundation
(e.g. suction bucket, conventional pile, multiple piles) is a recommendation for further research.

• The universal joint allow the top part to move freely in the pitch and roll direction. The effect of this
movement on the power production is an important topic for further research, as this might reduced
the ’true’ power rating of the turbine. This possible interaction with RNA/controller and impact on
power generation should be subject to further study.



A
Optimization Process Flowchart

Figure A.1: Geometry Optimization Flowchart
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B
UMaine Volturn US-S Reference Floater

Figure B.1: Floating Offshore Wind Turbine Reference Coordinate System [2]
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Figure B.2: General Arrangement [2]
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Table B.1: Mooring System Properties [2]

Parameter Units Value
Mooring System Type - Chain Caternary
Line Type - R3 Studless Mooring Chain
Line Breaking Strength kN 22,286
Number of Lines - 3
Anchor Depth m 200
Fairlead Depth m 14
Anchor Radial Spacing m 836.6
Fairlead Radial Spacing m 58
Nominal Chain Diameter mm 185
Dry Line Linear Density kg/m 685
Extensional Stiffness Line MN 3270
Line Unstretched Length m 850
Fairlead Pretension kN 2,437
Fairlead Angle from SWL ° 56.4
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Figure B.3: Mooring system arrangement within the inertia frame shown in plan (top) and elevation (bottom) views [2]



C
Fatigue Check Turbine Tower

The dynamic analytical model of the offshore wind turbine showed that due to the relative stiffness differ-
ences between the monopile and the turbine tower, the system responds to wave cycles in a whip-like or fish
tailing manner. The wave induced vibration of the monopile foundation is transferred to the turbine tower
resulting in large deflections of the top part. In order to estimate whether this bending of the turbine tower
will result in technical limitation for using monopile foundations for large turbines in deep waters, the bend-
ing stresses at the turbine base are extracted in a similar fashion to the FLS analysis as described in Chapter
5.

Figure C.1 shows the bending stress to frequency response function of the turbine tower base for water
depths of 60 and 120 meter and the three target frequencies (0.15, 0.17 and 0.20 Hz) in loose soil against a
unit wave height of 1 meter. It shows that contrary to the bending stress of the monopile base, the magnitude
of response at the tower base is not independent of water depth. Where the monopile base dimensions in-
creased for deeper waters, the turbine tower stays the same. The bending of the tower, however, does increase
for deeper waters resulting in higher bending stress response.

Figure C.1: Bending Stress Frequency Response Function of Tower Base

Tables C.1 and C.2 show the unity checks resulting from the FLS analysis. For the analysis of the tower
base, S-N curves for welds in air rather than seawater can be used, which are slightly more tolerant [22].
It shows that the resistance against fatigue decreases significantly over the water depth range. The turbine
tower base shows similar resistance against wave induced fatigue damage to the monopile for 60 meter water
depth. However, for 120 meter water depth, the turbine base is significantly more critical than the monopile
base. At this water depth, only the turbines supported by a 0.20 Hz monopile pass the FLS check.
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Table C.1: 60 m Water Depth FLS Results Tower Base

SN curve 0.15 Hz 0.17 Hz 0.20 Hz
D 17.64 3.18 0.05
C1 8.94 1.33 0.02
B2 0.45 0.24 0.00

Table C.2: 120 m Water Depth FLS Results Tower Base

SN curve 0.15 Hz 0.17 Hz 0.20 Hz
D 127.97 36.86 2.00
C1 65.56 18.94 0.81
B2 1.71 1.47 0.15

It must be noted that the actual fatigue calculation for the turbine tower is more complex. The wind in-
duced fatigue damage will have a larger role due to the smaller dimensions of the tower. Also, the type of
connection between the monopile and the turbine tower will have a large impact on the dynamic response
of the system. Stress concentrations in the connection also need to be counted for where geometric and stiff-
ness discontinuities arise.

The results indicate that for the more slender monopiles in deeper waters, a stiffer turbine tower is re-
quired. This increase of stiffness influences the dynamic behaviour of the system by increasing its first natu-
ral frequency but also increasing the bending stress response at the base. When a stiffer tower is adopted, the
foundation design must be re-assessed. As the increase of stiffness of the turbine tower increases the first nat-
ural frequency, the stiffness of the monopile would have to decrease to reach the target first natural frequency.
Decreasing the stiffness of the monopile quickly reduces the system’s resistance against forcing. However, if
the target frequency criterion is lifted, the increase of stiffness of the turbine tower leads to a higher first natu-
ral frequency for the same monopile dimensions. This moves the first natural frequency away from the most
occurring wave frequencies, which is very desirable in order to reduce resonance. This comes at an obvious
cost of more structural steel. Over all, the monopile dimensions influence the turbine tower and vice versa.
Therefore a holistic design approach including both the tower and the pile is advised.
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